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Executive Summary

To successfully fight climate change, it is essential to replace fossil fuels with renewable
energies. Offshore wind energy will significantly contribute to this transition. Since
the required future bottom-fixed offshore wind farms will be located further away from
shore and in greater water depth, in addition to (XL-) monopiles, jacket foundations
are a reasonable alternative. To increase the competitiveness of jacket substructures, a
modular jacket concept was developed within the offshore industry, combining prefab-
ricated robot-welded tubular joints with standardized pipes. With regard to fatigue
strength in particular, the automatically welded tubular joints have a large potential
due to the reproducible fabrication process resulting in highly uniform welds. However,
this potential cannot be adequately considered for the fatigue assessment due to the
lack of suitable S-N curves.

Up to now, serial fatigue tests to determine statistically validated S-N curves have only
been conducted on manually welded tubular joints. Nevertheless, some robot-welded
tubular joints were tested regarding fatigue strength, but neither the influence of an
inner root welding nor the existing weld geometry was systematically evaluated. Against
this background, the fatigue resistance of automatically manufactured tubular joints is
determined within this thesis. Furthermore, this work focuses on the characterization
of the uniform weld seam geometry as a prerequisite for an additionally proposed weld
geometry optimization using bionic approaches.

To determine a statistically validated S-N curve, serial fatigue tests were performed on 16
single- and 16 double-sided automatically welded tubular X-joints, whereby these joints
were medium-scaled compared to real jacket dimensions. During these tests, the fatigue
damage evolution was digitized using the digital image correlation method, enabling
a detailed analysis of the tubular joints’ fatigue behavior including crack initiation.
The obtained fatigue resistance of the robot-welded tubular X-joints was moderately
improved compared to the currently valid design S-N curve. The corresponding scatter
was significantly reduced in comparison to the experience of manually welded tubular
joints. In contrast, no significant impact of the inner root welding on the fatigue
strength could be observed.

In addition to the fatigue tests, the geometry of the robot-fabricated welds was system-
atically evaluated with regard to its reproducibility. The outcomes were then compared
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Executive Summary

to reference values of manually welded tubular joints. For this purpose, analytical inves-
tigations were performed to determine the notch radius and flank angle distributions.
Additionally, a reverse engineering application was developed to enable a real notch
stress analyses of the actual weld geometry. The obtained statistics representing the
distributions of the flank angles and real notch stresses confirmed the optical impression
of a uniform and highly reproducible weld geometry when compared to the manually
welded tubular joints. However, with respect to the minimum size of the achieved notch
radii, no significant advantage of the robot-based welding could be determined. Finally,
considering the statistically confirmed reproducibility of the weld geometry, a bionic
optimization of the weld geometry profile was proposed, which resulted in a significant
reduction of the decisive fatigue loads.

Keywords:

Automatically welded tubular joints, fatigue strength, digital image correlation, weld
geometry, real notch stresses, bionic optimization
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Kurzfassung

Für eine erfolgreiche Bekämpfung des Klimawandels ist es unerlässlich, fossile Energie-
träger durch erneuerbare Energien zu ersetzen, wobei die Offshore Windenergie einen
wesentlichen Beitrag dazu liefern wird. Da die hierfür zukünftig notwendigen Offshore
Windparks in größeren Wassertiefen gebaut werden müssen, rücken neben XL-Monopiles
vor allem Jackets als Gründungsstrukturen in den Fokus. Um die Wirtschaftlichkeit
der Jacketproduktion zu erhöhen, wurde innerhalb der Offshore-Branche ein modulares
Jacketkonzept entwickelt. Hierbei werden vorgefertigte, robotergeschweißte Rohrknoten
mit Standardrohren kombiniert. Vor allem mit Blick auf die Ermüdungsfestigkeit
besitzen die automatisiert geschweißten Rohrknoten durch ihre gleichmäßigen und
hochgradig reproduzierbaren Schweißnähte großes Potenzial, welches jedoch beim Er-
müdungsnachweis mangels entsprechender S-N Kurven nicht angemessen berücksichtigt
werden kann.

Serielle Ermüdungsversuche zum Bestimmen statistisch abgesicherter S-N Kurven
wurden in der Vergangenheit nahezu ausschließlich an handgeschweißten Rohrknoten
durchgeführt. Robotergeschweißte Rohrknoten wurden dahingegen nur vereinzelt auf
ihre Ermüdungsfestigkeit geprüft, wobei weder die Einflüsse aus einer inneren Schweiß-
naht noch die aus der gleichmäßigen Nahtgeometrie im Fokus standen. Vor diesem
Hintergrund wird im Rahmen dieser Dissertation die Ermüdungsfestigkeit automatisiert
gefertigter Rohrknoten bestimmt. Zusätzlich wird der Fokus auf die Charakterisie-
rung der gleichmäßigen Schweißnahtgeometrie sowie die daraus resultierenden Opti-
mierungsmöglichkeiten und deren Berücksichtigung beim Ermüdungsnachweis gelegt.

Zum Bestimmen einer statistisch abgesicherten S-N Kurve wurden serielle Ermüdungsver-
suche an 16 ein- und 16 doppelseitig automatisiert geschweißten Rohrknoten durchge-
führt, wobei die getesteten X-Knoten auf das 1:3.3-fache realer Jacketabmessungen
skaliert waren. Um zusätzlich detaillierte Informationen über das Ermüdungsverhalten
der Rohrknoten samt Rissinitiierung zu erhalten, wurde die fortschreitende Schädigung
während der laufenden Ermüdungsversuche mit einem digitalen Bildkorrelationsver-
fahren erfasst. Für die durchgeführten Versuche ergab sich eine im Vergleich zur aktuell
gültigen Bemessungswöhlerlinie moderat verbesserte S-N Kurve. Die zugehörigen Streu-
ungen waren im Vergleich zu den Erfahrungswerten für handgeschweißte Rohrknoten
deutlich reduziert. Dagegen konnte kein signifikanter Einfluss der inneren Schweißnaht
auf die Ermüdungsfestigkeit bestimmt werden.
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Kurzfassung

Neben den Ermüdungsversuchen wurde die Geometrie der robotergefertigten Schweiß-
naht hinsichtlich ihrer Reproduzierbarkeit systematisch ausgewertet und mit Refe-
renzwerten von handgeschweißten Rohrknoten verglichen. Hierfür wurden zum einen
analytische Untersuchungen zum Bestimmen der Kerbradien und Nahtanstiegswinkel
durchgeführt. Zum anderen wurde eine Reverse Engineering Anwendung für Rohrknoten
entwickelt, mit der numerische Spannungsanalysen der realen Kerbgeometrie ermöglicht
wurden. Die berechneten, statistischen Verteilungen der Nahtanstiegswinkel und
realen Kerbspannungen bestätigten den optischen Eindruck einer wesentlich gleich-
mäßigeren und hochgradig reproduzierbaren Schweißnahtgeometrie im Vergleich zu
den handgeschweißten Rohrknoten. Mit Blick auf die Größe der erreichten Kerbradien
konnte kein signifikanter Vorteil seitens der robotergeschweißten Rohrknoten festgestellt
werden. Auf Basis der statistisch nachgewiesenen Reproduzierbarkeit der erzeugten
Schweißnähte wurde anschließend anhand numerischer Untersuchungen eine an die
Bionik angelehnte Optimierung der Schweißnahtgeometrie vorgestellt, mit der die
maßgebenden Ermüdungslasten signifikant reduziert werden konnten.

Schlagworte:

Automatisiert geschweißte Rohrknoten, Ermüdungsfestigkeit, Bildkorrelationsverfahren,
Schweißnahtgeometrie, reale Kerbspannungen, bionische Optimierung
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1 Introduction

1.1 Motivation

On December 11th, 2019 European Union (EU) Commission President Dr. Ursula von
der Leyen announced the ‘EU Green Deal’ targeting a carbon neutral EU by 2050, see
European Commission (2019). According to analyses performed by the International
Energy Agency (2019), offshore wind in particular will significantly contribute to
achieving this ambitious goal with an installed capacity of 240− 450 GW depending
on the scenario, whereby 180 GW will be installed within the North Sea according to
Fichter et al. (2020). In Germany, the Erneuerbare Energien Gesetz (2017) and the
Climate Protection Programme 2030 (see BMWi (2019)) point the way to the greatest
possible climate neutrality by 2050 with an increased expansion target for offshore
wind of 20 GW by 2030, see BMWi (2020). According to Deutsche WindGuard (2019),
7.5 GW had already been installed by the end of 2019.

As part of the economic stimulus programs necessitated by the Corona pandemic,
the German government aims a conversion of further industrial sectors such as steel
production and (air) traffic to renewable energies in addition to the energy sector, see
Bundesregierung (2020). Offshore wind energy is particularly important for producing
the green hydrogen or ammonia, called power-to-gas (P2G), required for this conversion,
see Handelsblatt (2020).

In recent years, various foundation structures have been developed for offshore wind
energy converters (OWEC) as summarized by Schaumann et al. (2021). The majority
of the turbines have been installed on monopiles due to their simple geometry, compara-
tively shallow water depths and favorable soil properties such as sand, clay or chalk. In
the past three decades, 75 % of the commissioned wind farms were installed in shallow
water below 30 m according to a study carried out by Rystad Energy (2020). However,
according to the International Energy Agency (2019) future bottom-fixed offshore wind
farms will be located further away from shore and in greater water depth up to 60 m
to reach the ambitious expansion targets. For these locations, in addition to (XL-)
monopiles, lattice supporting structures such as jacket foundations are a reasonable
alternative, compare Figure 1.1.
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Figure 1.1: Offshore wind energy turbine with jacket foundation from the offshore wind
farm alpha ventus

In the Baltic Sea, for example, 41 OWECs were installed on jacket foundations at
water depths of more than 35 m in the wind farm Baltic II, which started commercial
operation in late summer 2015, see EnBW (2015). In the Viking wind farm, also located
in the Baltic Sea, 70 OWECs of the 5 MW class were installed on jackets at water
depths of 37− 43 m and commissioned by the end of 2018, see Windbranche (2018).
This trend of installing more OWECs with jacket foundations is going to increase in
future. According to Rystad Energy (2020), in 2020, 20 % of the globally installed
turbines will have a jacket foundation and from 2021 to 2025, 479 jacketed turbines
are planned in Europe. Globally, at least 1083 OWECs with jacket foundations will
be installed in this period according to an estimation by Rystad Energy (2020). In
addition to OWECs, jackets are also the primary support structure for the substations
of the wind farms.

Jacket foundation structures are designed as three or four-legged lattice hollow section
frameworks similar to the construction of oil and gas platforms and are characterized
by high rigidity with low material input, see Seidel (2014). The lattice structure of
the jacket is created with the typical tubular connection variants double-K- (DK-), X-
and double-Y-joints. The anchoring is typically achieved by piles driven through the
seabed which are then connected to the jacket substructures by realizing a grouted
connection, see Wilke (2014), Lochte-Holtgreven (2013), Bechtel (2016) and Raba (2018).
Besides the well-known pile foundation, an innovative bucket shaped foundation, called
‘suction bucket’ (see Gottschalk (2016)), was developed and applied in the Borkum
Riffgrund 1 wind farm. The main advantage of this concept is foundation pile driving is

2



1.1 Motivation

no longer necessary, leading to significantly reduced noise emissions during installation.
For jackets, this innovative foundation design can contribute to a further increase in
attractiveness compared to XL-monopiles.

With respect to the ambitious targets of the ‘EU Green Deal’, a significant cost reduction
is required. Regarding the investment costs (CAPEX) of bottom-fixed OWECs, 20−25 %
of the costs are accounted for by the foundation structure according to the International
Energy Agency (2019). The optimization potential for production and design is almost
unused, especially for jackets. Up to now, the fabrication of jacket substructures is
based on the so-called ‘point-to-point’ procedure, in which the complex tubular joints
are manually welded during the assembly of the jacket framework, see Brauser &
Michels (2018). An essential component of the optimization is given by a separated
production of the tubular joints combined with the use of standardized pipes. This
modular principle shown in Figure 1.2 enables an automatic serial production of the
tubular joints, which can, as a next step, be connected to the standardized pipes using
the fully mechanized orbital welding technology known from the oil and gas pipeline
production, see DVS-Berichte Band 330 (2016) and Zilli et al. (2019).
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Figure 1.2: Modular jacket structure combining prefabricated automatically welded
tubular joints with standardized pipes according to Brauser & Michels (2018)

The change in the jacket production increases the competitiveness of jacket substructures
by enabling a cost reduction > 8 % according to Brauser & Michels (2018), particularly
against the background of the large quantities required for offshore wind farms. Based
on this modular principle, further industry initiatives developed a serially produced
standard jacket that can be scaled and modified according to project requirements.
By doing so, jacket costs can be reduced by up to 25 % according to Fries-Andersen
(2017b) and thus contribute significantly to a targeted cost reduction of up to 40 % for
the entire foundation, see Fries-Andersen (2017a).
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1.1 Motivation

During the targeted service life of at least 25 years or more, support structures for
OWECs are subjected to high cyclic loads reaching up to 109 load cycles, due to the
acting wind, waves and the operation of the turbine. Therefore, the Fatigue Limit State
(FLS) is the design driver for the particularly stressed components of jacket structures
such as the welded tubular joints between chord and brace. Besides the improvements
for a serial manufacturing process, the automatically welded tubular joints show a great
potential in terms of fatigue resistance, due to smooth weld geometry without sharp
notches, see Michels & Brauser (2014). Furthermore, the automatic fabrication of the
tubular joints enables the welding of an additional inner root layer, which can have a
beneficial effect on the fatigue strength. These potential benefits are not yet considered
within the fatigue design process of automatically manufactured jacket substructures,
according to the given standards and guidelines due to the lack of suitable S-N curves.
In addition to jacket support structures, further applications for robot-welded tubular
joints are conceivable, such as floating structures (see Andersen et al. (2018)) or bridge
and crane construction.

By far the most important normative regulation for the practical fatigue verification of
offshore jacket tubular joints is given in the DNVGL-RP-C203 (2019) guideline. Here,
the fatigue assessment is based on the structural stress approach, which has been well
established in the oil and gas industry for decades, combined with the corresponding
structural stress S-N curve T (FAT 114 in DIN EN 1993-1-9 (2010)). This structural
stress S-N curve T is based on fatigue tests on single-sided manually welded tubular
joints, which were mostly performed more than three decades ago, see OTH 92 390
(1999). Therefore, the current S-N curve T does not consider the effects of the automated
production on fatigue resistance.

Recently, serial fatigue tests on thick-walled tubular joints have mainly been per-
formed considering typical bridge building dimensions and steel grades, see for example
Kuhlmann et al. (2014). However, a few fatigue tests on automatically welded tubular
joints have been performed within the JABACO project (see Zilli et al. (2019)), in
which a total of 9 automatically welded X-joints partly varying in geometry have been
tested by applying several cyclic load cases along with manually welded tubular joints.
Although the results obtained are promising in terms of an improved fatigue strength,
a statistically save determination of a new S-N curve is not possible due to the small
number of tests.

Experimental investigations performed by Mangerig & Romen (2009), Qian et al. (2013)
and Kuhlmann et al. (2015) on post-weld treated tubular joints using high frequency
hammer peening methods (see Gerster (2009)) showed on the one hand an improved
fatigue resistance. On the other hand, however, the location of crack initiation has
shifted from the outside weld toe, which is the typical location for crack initiation of
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1.2 Objective

cyclic loaded tubular joints, to the inner weld root, where a crack cannot be detected at
an early stage before failure occurs. A similar effect can possibly be expected from an
automated welding production of tubular joints, since the notch effect of the covering
layer might be reduced by the robot welding process so that the crack might be shifted
towards the weld root as well. Welding an inner root layer would be beneficial to solve
these problems.

An essential component for an optimized fatigue assessment of automatically welded
tubular joints is the knowledge of the local weld geometry parameters, which are
not yet considered within the fatigue verification according to the structural stress
approach. The characteristic of the weld geometry is an important input parameter
for the numerical fatigue design process using local approaches and as a contribution
to a better understanding of the fatigue behavior, see Schaumann & Keindorf (2010)
and Schaumann & Collmann (2014). In the course of serial automated tubular joint
production, suitable measuring techniques should be integrated to enable a direct data
acquisition within the production process. The obtained weld geometry data is not
only important to ensure the quality management after welding, but also to enable
and consider optimized weld geometries in the fatigue verification. Especially with
regard to a further optimization of the weld seams, a profound understanding of the
X-joints’ fatigue behavior is necessary, which requires a detailed monitoring of the
damage process.

After outlining the initial situation, what is required for further research on the fatigue
behavior of automatically welded tubular joints for offshore wind energy substructures
becomes obvious. Therefore, the German Research Association for Steel Application
(FOSTA) joint research project P 1178 ‘Quantifying the effects of automated manufac-
turing and internal welding on the fatigue resistance of circular hollow section joints
for offshore wind energy converters’ called ‘FATInWeld’ (Schaumann et al. (2020)) was
initiated within the program for promoting Industrial Collective Research (IGF) via
funding of the German Federal Ministry of Economic Affairs and Energy. Large parts
of the experimental, analytical and numerical investigations presented in this thesis
were performed within this research project.

1.2 Objective

The objective of the presented research is to quantify the effects of automated production
and internal welding on the fatigue behavior of tubular joints considering the effects of
the uniform real weld geometry. The tubular joints investigated in this thesis are based
on those used in offshore jacket supporting structures.
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Up to now, fatigue tests on robot-welded tubular joints have rarely been performed.
Serial fatigue tests on single- and double-sided automatically welded tubular joints are
required, to determine a statistically safe S-N curve for robot-welded tubular joints.
Such fatigue test series will also clarify the question of whether the crack initiation
location shifts towards the root, due to the uniform weld geometry, as described for
post-weld treated tubular joints.

An optical comparison between the weld seams of automatically and manually welded
tubular joints shows clear differences in the weld seam geometry, with the robot-
welded joints having a much smoother and uniform surface. These differences must be
systematically evaluated and statistically proven to consider possible beneficial effects
in the fatigue design process. A statistical characterization of the weld seam geometry
of robot-welded tubular joints has not yet been published. The real weld seam geometry
should be analyzed with regard to fatigue effective notch stresses in order to evaluate
the impact of the uniform weld geometry on the resulting fatigue loads. Therefore, a
numerical computation procedure applicable to tubular joints is required which enables
the computation and evaluation of the real fatigue effective notch stress distributions.

Besides the previously mentioned cost reduction, the application of the robot-based
welding procedure within the production process of tubular joints enables the fabrication
of weld seams, whose weld geometry is designed with respect to fatigue specifications
using bionic approaches. To accurately apply the weld geometry optimization and to
adequately consider the optimized weld geometry in the fatigue verification, a profound
knowledge of the fatigue behavior of automatically welded tubular joints is needed. This
requires a continuous monitoring of the damage evolution during the ongoing fatigue
tests.

Based on the previously compiled scientific issues, serial fatigue tests on medium-scaled
(1 : 3.3) automatically welded X-joints, whose design is based on the geometric ratios
of typical real-scaled DK-joints of offshore jacket substructures, have been performed.
The associated experimental, analytical and numerical evaluations were related to the
questions listed below:

• Do automatically welded tubular joints have an increased fatigue resistance
compared to manually welded ones?

• Is an additional inner welding beneficial to the fatigue performance?

• How can the damage evolution continuously be monitored during the ongoing
fatigue tests?

• Can the optical impression of a uniform weld geometry be confirmed statistically?

• How can the actual weld geometry be considered during the computation of real
fatigue effective stress distributions for tubular joints?
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1.3 Structure

• Is the uniform weld geometry beneficial to the evolution of the real fatigue effective
notch stresses?

• Can the weld geometry be further improved by using bionic approaches?

• How accurately can an improved weld geometry be taken into account in current
design approaches?

To answer these questions, a scientific approach based on experimental, analytical and
numerical investigations was developed and carried out as described below.

1.3 Structure

The current state of the art focusing on fatigue of tubular joints is summarized in
Chapter 2. At the beginning, a general overview of the fatigue phenomenon of welded
steel structures focusing on tubular joints is given, followed by a detailed description
of the normatively regulated fatigue assessment approaches. This chapter will then
summarize the small number of fatigue tests on automatically welded tubular joints
published so far as well as the normative regulations to consider beneficial aspects of
designed weld geometry profiles in the fatigue verification. After that, an introduction
to the digital image correlation method is given. Finally, the motivation for the
experimental and numerical research activities carried out in this thesis is derived from
the compiled state of the art.

Chapter 3 begins with a short presentation of the automated welding procedure used to
fabricate the tubular X-joints investigated in this thesis, before explaining the developed
application of the digital image correlation technology in fatigue testing. Subsequently,
a detailed description of the performed fatigue tests is given including the test setup,
the statistical evaluation of the test results and a comparison to literature data. This
chapter also addresses strain gauge chain measurements that were used to verify the
numerical models and static tensile tests conducted for the quantification of the damage
induced stiffness degradation. In the end, the main results are summarized.

An analytical and numerical characterization of the automatically fabricated weld
geometry follows in Chapter 4. On the one hand, the distribution of the flank angles
and notch radii is determined and statistically evaluated throughout the test series and
along the weld toes. On the other hand, a numerical calculation procedure based on
digital twins is developed to compute and statistically evaluate the evolutions of the
real fatigue effective notch stresses along the hot spots’ weld toes. Finally, a critical
discussion and a summary of the major findings is given.

Numerical investigations on behalf of the structural and notch stress approaches con-
sidering idealized models are addressed in Chapter 5. At the beginning, the idealized
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1.3 Structure

numerical models are introduced and subsequently verified. Based on these numerical
models, the decisive stress concentrations required for the determination of the S-N
curves are determined. Moreover, both fatigue assessment approaches are compared
with respect to the respectively predicted locations of crack initiation. Next, a bionic
weld geometry optimization is proposed and evaluated with regard to an improved
fatigue strength. Additionally, an integration procedure is presented which enables a
combined fatigue verification considering structural and notch stress approach results.
Finally, the major findings are summarized.

The thesis concludes in Chapter 6 with a final summary of the performed investigations
and derived findings. Additionally, suggestions for future research are given.
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2 State of the Art

2.1 Introduction

The state of the art begins in Section 2.2 with a general overview of the fatigue
phenomenon of welded steel structures subjected to cyclic loading focusing on the
influencing parameters relevant to the scope of this thesis. After that, Section 2.3 deals
with the normatively regulated fatigue assessment approaches applicable to tubular
joints, where the S-N curves specified in the standards are compared to the outcomes
of current investigations on manually welded tubular joints.

In contrast to the large number of fatigue tests performed on manually welded tubular
joints, only a few experimental fatigue tests on automatically welded tubular joints have
been published so far, all of which are summarized and evaluated in Section 2.4. Since
the application of the robot-welding technique enables the possibility of designing the
weld geometry with regard to fatigue specifications, Section 2.5 outlines the normative
regulations to consider designed welds during the fatigue assessment.

After the main part of this chapter has dealt with the fatigue of welded tubular
joints, an additional introduction to the digital image correlation method is given in
Section 2.6, since this optical measurement technique is applied during the experimental
investigations and the outcomes are analyzed and further processed in large parts of this
thesis. Finally, the motivation for the experimental and numerical research activities
carried out in this thesis is derived from the compiled state of the art in Section 2.7.

2.2 Fatigue of welded steel members

2.2.1 Phenomenon of metal fatigue

Metallic structures can typically fail due to cyclically varying loads that are much smaller
than the static load capacity of the structure. This underlying damage phenomenon is
known as metal fatigue and is based on complex processes at the microscopic, and at the
macroscopic level which are based on the cyclic loading. The phases of the micro and
macro crack phenomena of metal fatigue are schematically summarized in Figure 2.1.
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2.2 Fatigue of welded steel members
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Figure 2.1: Micro and macro crack phenomena of metal fatigue according to Radaj et al.
(2006)

The initial stage of the evolving damage is characterized by dislocation movements at
local stress concentrations leading to slip bands which are orientated parallel to the
direction of maximum shear stress according to Seeger (1996) and Läpple (2011). As
the cyclic load progresses, slip steps form on the workpiece surface leading to extrusions
and intrusions which will then act as crack nucleation sites, see Lin et al. (1986), Krupp
(2007) and Gross & Seelig (2011). The initiated micro cracks intend to grow through the
first grains in direction of the slip bands followed by further crack growth perpendicular
to the direction of maximum principle stress, see Seeger (1996) and Läpple (2011).
During a phase of stable micro crack growth, several micro cracks will coalesce to macro
cracks leading to a stable macro crack propagation which is followed by instable crack
growth and final rupture.

From an engineering perspective, the metal fatigue phenomenon is divided into a
technical crack initiation phase and a technical crack propagation phase as shown in
Figure 2.1. The characteristic damage between crack initiation and crack propagation
is known as the technical crack. Within the background documentation of the DIN
EN 1993-1-9 (2010) fatigue design rules (see ECCS Technical Committee 6 (2018)) the
technical crack is defined as the first appearing crack which can be detected visually or
by measuring changes within the local deformation behavior of the tested specimen.
A similar definition holds true for mechanical engineering applications according to
Gudehus & Zenner (1999). According to Radaj et al. (2006) and Radaj & Vormwald
(2007), the technical crack is defined as a crack with a length of 1− 2 mm and a depth
of 0.5 mm.

According to Radaj & Vormwald (2007), the ratio between crack initiation and crack
propagation essentially depends on the load magnitude, the surface conditions and
notch geometry of the specimen as well as the magnitude of the mean stresses. Analyses
by Collmann (2021) on axially tested butt-welded plane specimens have shown that the
total fatigue life close to the endurance limit is dominated by the crack initiation phase,
whereby the crack propagation phase dominates the endurable number of cycles for
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2.2 Fatigue of welded steel members

larger loads. Comparable results could be determined by Kremer (2005) and Eichstädt
(2019) for axially loaded bolts.

2.2.2 S-N curves

Typically, the fatigue strength of structural details or full components is described
by using S-N curves, which are also known as Wöhler curves according to August
Wöhler (Wöhler (1863)), see Zenner & Hinkelmann (2019). These S-N curves are
based on numerous harmonic constant amplitude fatigue tests considering various stress
amplitudes σa combined with a fixed stress ratio R = σu

σo
according to Figure 2.2 (a),

see Gudehus & Zenner (1999), Haibach (2006) and Radaj & Vormwald (2007).
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Figure 2.2: Characteristic parameters of harmonic, constant amplitude loading according
to Haibach (2006) in (a) and schematic representation of a typical S-N curve according
to Gudehus & Zenner (1999) in (b)

The failure criterion is usually defined as rupture of the specimen, however pre-defined
crack lengths (for example the technical crack) or a specified stiffness degradation are
commonly used as well. With respect to fatigue tests on tubular joints, the failure
mechanism can be divided into the following four stages N1 to N4 according to van
Wingerde et al. (1997), where the S-N curves given by the standards and guidelines
usually predict the through thickness crack, see Sections 2.3.2 and 2.3.3.

• N1: Number of load cycles until a 15 % change in strain measured near the crack
initiation point occurs

• N2: Number of load cycles until a first visible crack occurs

• N3: Number of load cycles until through thickness cracking was detected
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2.2 Fatigue of welded steel members

• N4: Number of load cycles until rupture or a predefined loss of strength occurs

The resulting S-N curve is then obtained by plotting the applied stress amplitude
σa or the corresponding stress range ∆σ = 2 · σa pairwise against the corresponding
number of load cycles within a double logarithmic chart as shown in Figure 2.2 (b).
The considered load can be specified as a global parameter (for example nominal stress
amplitudes σN,a or ranges ∆σN) or as a local parameter (for example fatigue effective
notch stress amplitudes σf,a or ranges ∆σf ). S-N charts representing the fatigue strength
of tubular joints are typically based on structural stress amplitudes σS,a or structural
stress ranges ∆σS.

Depending on the number of load cycles, the path of the S-N curve can be subdivided
into the following three decisive parts, see Gudehus & Zenner (1999), Haibach (2006) and
Radaj & Vormwald (2007). The first section covering load cycles up to N ≈ 104 − 105

is called low cycle fatigue (LCF) range. It is characterized by comparatively high loads
up to the tensile strength resulting in predominantly plastic strains. The second section,
the high cycle fatigue (HCF) range, describes the fatigue resistance between N = 105

and ND ≈ 106 − 107 load cycles. This section of the S-N curve is assumed to be linear
within the double logarithmic chart with a fixed inverse slope of typically m1 = 3 for
as welded steel components. Contrary to the LCF range, within the HCF range linear
elastic strains are dominating.

The linear part of the S-N curve greater than ND = 107 load cycles is characterized by
the endurance limit and is called the very high cycle fatigue (VHCF) range according
to Pyttel et al. (2011). The continuous transition between the linear sections of the
HCF and the VHCF ranges is accompanied by an enlarged scatter in the fatigue test
results and an increasing number of run outs. The theoretical intersection of the two
straight lines representing the HCF and VHCF ranges defines the knee point, which
is an important parameter to describe S-N curves. Depending on the standardization
used, this knee point is located at ND = 5 · 106 load cycles (for example in DIN EN
1993-1-9 (2010)) or at ND = 107 load cycles (for example in DNVGL-RP-C203 (2019)).

While stress amplitudes below the endurance limit σa,D were meant to not cause further
fatigue damage for a long time, the theory of infinite fatigue life is controversially
discussed within the scientific community in the past, see Marines et al. (2003), Sonsino
(2005) and Pyttel et al. (2011). According to Sonsino (2007) and Radaj & Vormwald
(2007) the fatigue strength below the endurance limit depends on the composition of
the alloy as well as the impact of external boundary conditions such as a corrosive
environment, higher temperatures or overloads. On the other hand, Radaj & Vormwald
(2007) also reports that a horizontal progress of the S-N curve typically occurs for low
stressed, sharply notched steel structures which was experimentally confirmed up to
N = 5 · 108 load cycles for butt-welded specimen by Schaumann & Steppeler (2013)
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and Steppeler (2014). However, a few fatigue tests on tubular joints summarized within
the OTH 92 390 (1999) report failed after N > 107 load cycles leading to a decreasing
progress of the corresponding design S-N curve T (FAT 114) considering an inverse
slope of m2 = 5 within the VHCF range, see DNVGL-RP-C203 (2019).

In general, the results of fatigue tests scatter widely due to various influences which can
neither be depicted nor controlled, even if the tests have been carried out on technically
identical components and under comparable boundary conditions. For this reason, prior
statistical planning with a sufficient number of tests as well as statistical evaluation is
indispensable to obtain reliable S-N curves, see Gudehus & Zenner (1999).

2.2.3 Notch effect

In general, the fatigue strength of metallic materials or structural details depends on
various parameters, such as the size and shape of the structural member, the surface
conditions, the material properties, external environmental influences such as corrosion
and temperature, and the type of loading. A summarizing overview about the fatigue
governing parameters according to Radaj (1996), Gudehus & Zenner (1999) and Haibach
(2006) is given in Table 2.1.

Table 2.1: Governing parameters for fatigue crack initiation within welded joints ac-
cording to Radaj et al. (2006)

Structural member Surface Material
Shape Roughness Type
Size Hardness Alloy

Dimensions Residual stress Microstructure
Loading type Loading course Environment
Stress amplitude Amplitude spectrum Temperature

Mean stress Amplitude sequence Corrosion
Multiaxiality Rest periods

Considering welded (tubular) structures, several peculiarities based on the welding pro-
cess are additionally influencing the fatigue strength such as material inhomogeneities,
welding defects and imperfections, and welding residual stresses as well as the character-
istic of the weld geometry, see Gurney (1979), Maddox (1991) and Radaj et al. (2006).
The latter in particular are decisive parameters with regard to the fatigue strength of
welded components as has been shown by numerous scientific investigations in the past,
see Gurney (1979), Maddox (1991), Sonsino (1994), Radaj et al. (2006), Greiner et al.
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(2007), Schaumann & Keindorf (2010), Barsoum (2011), Taras & Unterweger (2013)
and Collmann (2021).

In addition to the fatigue governing parameters mentioned above, welded joints are
characterized by the stress-increasing notch effects. On one hand, geometrical notches
can be found in the local weld geometry and on the other, material notches occur in
the heat-affected zone (HAZ), see Radaj & Vormwald (2007). However, according to
Lachmann (2003) and Nitschke-Pagel & Wohlfahrt (2006) the geometric notch effect is
dominating with respect to fatigue. Since an essential aspect of this work comprises
the characterization of the weld seam geometry of automatically welded tubular joints
(see Chapter 4), this section focuses on the geometrical notch effect. Further important
parameters related to the objective of this thesis such as the size effect and the effect of
residual and mean stresses are addressed within the following sections.

Geometrical notch effect

Considering welded joints, the maximum notch stresses typically occur in the notch
between the base material and the weld or at the weld root itself. The corresponding
geometry of the weld is usually characterized by the common weld geometry parameters
flank angle θt and notch radius ρ which are defined in Section 4.3 for the application
to the automatically welded tubular joints within this thesis. In general, steeper weld
flank angles and smaller notch radii lead to increased notch stresses, which will result in
a reduced fatigue strength of a component, see Heeschen (1986) and Hrabowski (2019).

The geometric notch effect of a structural component on the resulting notch stresses is
generally expressed by the elastic notch stress concentration factor Kt, which is equal
to the ratio of the maximum notch stress σK,Max and the applied nominal stress σN
considering linear elastic material behavior, see Equation (2.1) and Radaj et al. (2006).

Kt = σK,Max

σN
(2.1)

With regard to the tubular joints investigated in this thesis, the nominal stress σN
refers to the initial cross-section of the brace tubes ABr.

The value of the elastic notch stress concentration factor depends according to Radaj
& Vormwald (2007) essentially on the dimensions of the notch as well as the load
situation with axial loads leading to larger Kt values compared to bending moments. A
dependency of Kt on the absolute dimensions or the Young’s modulus E is not reported.

Experimental investigations showed that the fatigue resistance is not affected by the
total amount of the maximum elastic notch stress σK,Max. The decrease in fatigue
strength due to existing notches was lower than predicted by the corresponding elastic
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notch stress concentration factor. In Neuber’s work, this phenomenon is attributed to
the micro- and macrostructural support effects, see Neuber (1985) and Radaj (1995).
According to Radaj & Vormwald (2007), the elastic-plastic macrostructural support
effect refers to a stress reduction resulting from local yielding within the loaded notch
and is hence valid within the LCF and HCF ranges.

In contrast, the elastic microstructural support effect must be considered for all parts
of the S-N curve, with its effect being particularly pronounced in the VHCF range.
According to Neuber’s theory of stress concentrations (see Neuber (1985)), the fatigue
strength is not defined by the maximum elastic notch stress σK,Max but by a smaller
local stress variable σf . This can be explained by the material’s crystalline structure,
which gives adjacent, less stressed material in the vicinity of the maximum notch stress
a supporting effect reducing the locally acting stresses, see Radaj & Vormwald (2007).
The corresponding reduced stress is introduced as fatigue effective notch stress σf
which is computed according to the approach given by Neuber (1985) by averaging the
elastic notch stresses σK of the small material volume along the material-dependent
microstructural support length ρ∗.

To not only describe the stress increase at notches, but also their impact on the fatigue
strength within the VHCF range, the fatigue notch factor Kf is defined. Kf denotes the
ratio between the endurance limit of an unnotched specimen σa,D and the endurance
limit of a notched specimen expressed by the corresponding nominal stress σN,a,D, see
Equation (2.2). According to Radaj & Vormwald (2007), the fatigue notch factor Kf

not only depends on the notch radius ρ and the size of the specimen but also on the
load type (tension-compression, bending) and the material.

Kf = σa,D
σN,a,D

(2.2)

By knowing the fatigue notch factor, the fatigue effective notch stress σf can be related
to the nominal stress σN as shown below

σf = Kf · σN (2.3)

In the technical literature, numerous approaches exist, to consider the described mi-
crostructural support effect, see Gurney (1979), Maddox (1991), Radaj (1995), Gudehus
& Zenner (1999), Haibach (2006) and Radaj & Vormwald (2007). While the notch stress
gradient approach according to Siebel & Stieler (1955) is mostly used for non-welded
steel components (see FKM-Richtlinie (2012)), the stress averaging approach according
to Neuber (1968) and Neuber (1985) as well as further developments are commonly
used for welded structural details. In scope of this thesis only the applied concept of the
fictitious notch radius according to Neuber (1968) together with a further interpretation
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according to Radaj (1985) and the implicit gradient model according to Lang (2015)
are described in more detail.

Fictitious notch rounding approach

The concept of the fictitious notch radius is generally based on the stress averaging
approach according to Neuber (1968) which states that the fatigue effective notch stress
σf can be computed by averaging the elastic notch stresses σK along the previously
introduced microstructural support length ρ∗, see

σf = 1
ρ∗
·
∫ ρ∗

0
σKdx (2.4)

For welded structural details of low strength steel a microstructural support length
of ρ∗ = 0.4 mm is appropriate according to the interpretation given by Radaj (1990).
Since the averaging process requires large numerical modeling and computational effort
especially when applied to curved components, it is not used in engineering practice.
However, the complex stress averaging process can be avoided by replacing the real
notch radius ρ with a fictitiously enlarged notch radius ρf as shown in Figure 2.3.
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σN

Figure 2.3: Concept of the fictitious notch radius according to Radaj & Vormwald
(2007)

This fictitious notch rounding approach is based on the idea of choosing a fictitious
notch radius ρf which yields an elastic notch stress concentration factor Kt of the
fictitiously rounded notch equal to the fatigue notch factor Kf of the initial notch as
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shown in Equation (2.5)

Kt(ρf ) = Kf (ρ) (2.5)

The fictitiously enlarged notch radius ρf is calculated according to Equation (2.6) as a
function of the microstructural support length ρ∗ and the coefficient s which is equal to
s = 2.5 for plane strain conditions combined with the von Mises multiaxial strength
criterion for ductile materials, see Radaj (1990).

ρf = ρ+ sρ∗ (2.6)

Considering welded structural details using ρ∗ = 0.4 mm and s = 2.5 within Equa-
tion (2.6), the actual notch radius ρ will be enlarged by about 1 mm. Hence, to depict
a worst-case scenario of an ideal sharp notch (ρ = 0 mm) a fictitious notch radius of
ρf = 1 mm has to be considered. This value has become standard for applications to
thick-walled welded joints (wall thickness t ≥ 5 mm) in the current relevant standard-
izations, irrespective of the actual stress state and the strength hypothesis, see Fricke
(2012), Hobbacher (2016), DVS Merkblatt 0905 (2017) and DNVGL-RP-C203 (2019).

Implicit gradient model

Even though there are a number of approaches to consider the microstructural support
effects, they are usually only applicable under certain conditions. For example, some
approaches are only applicable for certain notch geometries or material thicknesses,
or are not valid to complex geometries and multi-axial stress conditions, see Radaj
et al. (2006) and Radaj & Vormwald (2007). The fictitious notch rounding approach
according to Neuber (1968) and Radaj (1985) described above has certain disadvantages
as well. The required fictitious rounding of the notches often involves large modeling
efforts especially in the case of complex geometries and is not directly applicable to
scanned structures. Additionally, a change in the stiffness of the structural detail due
to the required notch rounding may occur.

Maggiolini et al. (2015) describe a further fundamental point of criticism, which applies
to the majority of common support effect approaches. They complain that the concepts
do not provide a correct description of the current failure mechanisms, but only establish
a phenomenological relationship between the structural resistance and the stress field.
Zhang (2012) and Zhang et al. (2012) concluded that the individual approaches are only
special cases of a much more general theory which is similar to the non-local continuum
mechanics. From his point of view, a suitable functional has to be developed which
connects the fatigue effective stress to the linear elastic stress field around the notch.
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2.2 Fatigue of welded steel members

Similar approaches were described by Taylor (1999) and Yao et al. (2001). Consequently,
the implicit gradient model (IGM) was developed by Lang (2015) which generalizes the
phenomenon of the microstructural support effects in a non-local context and therefore
enables the direct evaluation of real scanned structures. A brief theoretical overview
about the IGM according to Lang (2015) is given in the following.

The IGM is based on the assumption that the fatigue effective stress σf is equivalent to
an averaged value of the linear elastic notch stresses occurring in the near field of the
maximum notch stress, see Figure 2.4.

Maximum notch stress

Near field

Figure 2.4: Near field around notch according to Lang (2015)

This assumption is based on the theory of non-local methods which states that a
non-local scalar measure can be determined from the mean value calculated over the
volume V of a body, see Pijaudier-Cabot & Bažant (1987), Peerlings et al. (1996), Askes
& Sluys (2002) and Tovo & Livieri (2007). Hence, the non-local fatigue effective stress
σf (~x) is computed as

σf (~x) = 1
Ψ(~x)

∫
V
G(~x, ~̄x)σK(~̄x)dV~̄x (2.7)

with the scaling function

Ψ(~x) =
∫
V
G(~x, ~̄x)dV~̄x. (2.8)

G(~x, ~̄x) denotes a Gaussian weight function which yields

G(~x, ~̄x) = 1
(4πa) 3

2
e−
|~x−~̄x|2

4a (2.9)

for a three-dimensional (3D) problem. Here, a is a constant describing the size and
weighting in the near field.
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With regard to an improved numerical solvability, the integral non-local model was
transformed by Peerlings et al. (1996) into an implicit gradient model using a Taylor
series expansion. By doing so, the fatigue effective stresses can be determined by
numerically solving a differential equation instead of performing a complex integral
evaluation. Within this thesis only the essential mathematical transformations are
presented. A detailed derivation is given in Peerlings et al. (1996), Peerlings et al. (2001)
and Lang (2015).

Within a first step, the notch stress σK(~̄x) (see Equation (2.7)) is expanded into a
Taylor series yielding

σK(~̄x) = σK(~x) +∇σK(~x)(~̄x− ~x) + 1
2!∇

2σK(~x)(~̄x− ~x)2 + ... (2.10)

with ∇2 being the Laplacian operator.

After neglecting the odd terms, Equation (2.10) is inserted in Equation (2.7). The
fatigue effective stress σf (~x) can then be calculated as follows

σf (~x) = σK(~x) + a∇2σK(~x) + b∇4σK(~x) + ... . (2.11)

Cutting off after the second term and differentiating twice the final expression of the
IGM reads

σf (~x)− a∇2σf (~x) = σK(~x) (2.12)

with a > 0.

The obtained implicit gradient equation can now be solved numerically considering
appropriate boundary conditions. For the present application of computing fatigue
effective stresses causing fatigue damage arising from the surface, Neumann boundary
conditions (see Equation (2.13)) should be applied according to Askes et al. (2012).

∂σf (n)
∂~n

= 0 (2.13)

Here, ~n is the outward normal to the surface of the considered volume.

For the practical application of the IGM in commercial finite element software such as
ANSYS, Lang (2015) and Lang & Lener (2016a) recommend to interpret Equation (2.12)
as a Helmholtz equation of the form ∇2f ± k2f = 0. By doing so, the differential
equation to be solved describes an initial value problem of a diffusion equation for a
discrete time step ∆t. With respect to the current application, the corresponding initial
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value problem reads

σf (~x)− σK(~x)
∆t − a∇2σf (~x) = 0. (2.14)

Here, Equation (2.14) has the form of a transient heat conduction equation (see
Equation (2.15)) and can thus be solved in ANSYS with the corresponding solver. Lang
(2015) proposes to consider the linear elastic notch stresses σK as initial temperature
conditions to perform a transient heat conduction calculation which is stopped after
∆t = 1 s. The resulting temperatures can then be interpreted as the requested fatigue
effective stresses according to Equation (2.14).

According to Evans (2015) the general heat conduction equation reads

∂T (~x, t)
∂t

− a∇2T (~x, t) = 0 (2.15)

with T (~x, t) being the temperature at a location ~x and a time t.

However, to perform the transient heat conduction computation the constant a, which
describes the size and weighting in the near field, must be determined first. Within
the scientific community there are different assumptions for the determination of a.
Tovo & Livieri (2007) assume that the parameter a depends only on the material
properties. Based on this hypothesis, Tovo & Livieri (2007) tried to determine a by
analyzing fatigue tests of welded cruciform joints which did not lead to satisfactory
results. During the investigations, the determined constant a varied depending on the
evaluation criterion and the data set used. It was therefore not possible to determine
the parameter a unambiguously. In Askes et al. (2012) the constant a is determined as
a function of the threshold value of the stress intensity factor ∆Kth and the endurance
limit ∆σD as shown below.

√
a = ζ

π

(
∆Kth

∆σD

)2

(2.16)

In this equation, ζ varies between ζ = 0.5 and ζ = 0.545 according to Askes et al. (2012)
and Lang et al. (2017).

However, investigations performed by Lang (2015) indicated that the constant a is
depending on the geometry and the loading of the considered structural detail yielding
a = a(geometry, load). Therefore, Lang (2015) proposed a numerical calibration method
of a by comparing the fatigue effective stress of a considered structural detail according
to Neuber’s notch rounding approach to the corresponding fatigue effective stress based
on the IGM. A detailed description of this calibration procedure including its application
to the automatically welded tubular X-joints is given in Section 4.6.2.
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2.2 Fatigue of welded steel members

2.2.4 Size effect

Fatigue tests on larger welded test specimens usually show a reduced fatigue resistance
compared to fatigue test results of comparable smaller dimensioned welded structures.
According to van Wingerde et al. (1997), this effect, which is called size effect, results
from a total of four sources:

• Stress-mechanical or geometrical size effect

This effect is based on the slope of the stress gradient, measured in the plane
of crack growth which is steeper within a thinner welded joint compared to a
thicker one leading to a larger loaded crack tip within the thicker welded joint.
Considering this fact from the fracture mechanics perspective, a thicker cracked
joint with a plate thickness t and an initial crack size a will have an increased
crack growth rate and hence a reduced lifetime compared to the thinner joint
with the same a

t
ratio, see Berge (1985) and van Wingerde et al. (1997).

• Incomplete scaling effect

According to van Wingerde et al. (1997) and Mashiri et al. (2007), the upscaling of
a welded component does not result in a full upscaling of all geometric parameters
of the structure. For example, the radii of the weld notches are not dependent on
the plate thickness. Therefore, the relative notch radii of a thicker specimen are
smaller compared to the values of a thinner welded joint leading to larger notch
stresses for the thicker joint.

• Statistical size effect

The statistical size effect considers the fact that the probability of larger defects
will increase with a growing volume of the specimen. Knowing, that fatigue is
a weakest link process the fatigue resistance of a specimen will decrease with
increasing size, see Kloos (1976), van Wingerde et al. (1997) and Mashiri et al.
(2007).

• Technological size effect

This effect considers the influence of the sample size on the resulting material
properties. Usually, thicker steels have a coarser grain structure, lower yield
strength or higher residual stresses, see Kloos (1976), van Wingerde et al. (1997)
and Mashiri et al. (2007).

Additionally, van Wingerde et al. (1997) mentioned, that the reduction of the fatigue
strength is mainly dependent on the thickness of the considered member instead of
the overall size of the structure. It is further noted by the author of this thesis that
some publications mention only three different sources contributing to the size effect of
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2.2 Fatigue of welded steel members

welded joints, whereby the incomplete scaling effect is included in the technological size
effects, see Mashiri et al. (2007) and Kuhlmann et al. (2014).

Considering the previously mentioned size effects with respect to welded tubular
joints, Mashiri et al. (2007) proposed to distinguish between proportional (or practical
proportional) and non-proportional scale effects.

• Proportional or practical proportional scaling

Proportional or practical proportional scaling describes a complete proportional
scaling of all or all important parameters respectively, independent of the described
origin of the various size effects. With regard to tubular joints, an upscaling of the
overall dimensions retaining the dimensionless parameters β, γ and τ according
to Equation (2.20) corresponds to (practical) proportional scaling, see Kuhlmann
et al. (2014). In this case, the reduction of the fatigue strength only depends on
the increased wall thickness of the failed member.

• Non-proportional scaling

According to Mashiri et al. (2007), non-proportional scaling is given when not
all important factors are scaled proportionally. Considering tubular joints with
varying dimensionless parameters (non-proportional scaling), the change of the
corresponding fatigue strength not only depends on the wall thickness of the
failed member but also on the proportions of the tubular joints. This theory is
supported by Borges (2008), Nussbaumer & Borges (2008) and Schumacher et al.
(2009) on behalf of fracture mechanics investigations on uni-planar tubular welded
truss beams.

Considering the state of the art fatigue verification process for tubular joints using the
well known structural stress approach (see Section 2.3.2), the various aspects of the
size effect are only rudimentarily included, see Haibach (2006). Within the current
standards and guidelines (see DNVGL-RP-C203 (2019), DIN EN ISO 19902 (2014), API
RP 2A-WSD (2014) and the Comité International pour le Développement et l’Etude de
la Construction Tubulaire (CIDECT) Design Guide 8 according to Zhao et al. (2002))
the size effect is considered by multiplying the corresponding FAT-class with a factor
f(t), which is only depending on the wall thickness of the fatigue relevant structural
component. Therefore, only the proportional size effect is considered.

The reduction factor f(t) that is typically used to consider the size effect in terms of the
main tube wall thickness within the fatigue design of offshore tubular joints according
to DNVGL-RP-C203 (2019), DIN EN ISO 19902 (2014) and API RP 2A-WSD (2014) is
given in Equation (2.17). The factor was originally based on investigations performed by
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Gurney (1979) and therefore called the Gurney-rule, see Nussbaumer & Borges (2008).

f(t) =
∆σtr,S
∆σtrefr,S

=

1 for t ≤ tref ,(
tref
t

)k
for t > tref .

(2.17)

Here, t is the actual wall thickness of the main tube, tref indicates the reference wall
thickness, which is set to tref = 16 mm within the current standards and guidelines due
to the comparatively large number of fatigue tests performed on tubular joints with a
16 mm wall thickness of the failed member (see Section 2.3.2 and OTH 92 390 (1999)), k
denotes the thickness exponent as well as ∆σtr,S and ∆σtrefr,S express the fatigue strength
for the actual tube wall thickness and the reference tube wall thickness, respectively.

Based on his investigations, Gurney (1979) proposed a thickness exponent equal to
k = 0.25 referring to a reference wall thickness of tref = 32 mm. Van Wingerde et al.
(1997) determined k = 0.37 valid for tref = 16 mm by re-analyzing 173 fatigue tests
on variously scaled tubular joints. Experimental investigations on uni-planar tubular
welded truss beams performed by Borges (2008) and Nussbaumer & Borges (2008)
resulted in a thickness exponent equal to k = 0.16 referring to tref = 16 mm. The
authors of the OTH 92 390 (1999) report recommend using k = 0.3 together with
tref = 16 mm to obtain conservative results. However, within the previously mentioned
offshore standards the thickness exponent k is set to k = 0.25.

Since the factor f(t) to account for the size effect given in Equation (2.17) is only a
function of the main tube wall thickness t, the corresponding S-N curve is shifted in
parallel direction with respect to the stress range axis for t > tref , see Figure 2.5 (a).

N (log)

∆
σ
(lo

g)

t ≤ tref

t > tref

(a) Parallel shift of S-N curve according
to Equation (2.17)

N (log)

∆
σ
(lo

g)

t ≤ tref

t > tref

1

(b) Rotation of S-N curve around N = 1
according to Equation (2.19)

Figure 2.5: Procedures to mathematically account fo the size effect according to
Kuhlmann et al. (2014)

23



2.2 Fatigue of welded steel members

Besides the investigations regarding the constant thickness exponent k, van Wingerde
et al. (1997) re-developed and proposed a new mathematical formulation of f(t), which
was originally developed by van Delft et al. (1985). Instead of the Gurney-rule, this
expression is depending on two parameters: the main tube wall thickness t and the
corresponding number of load cycles for failure N , see Equation (2.18). Due to the
dependency of N , this formulation causes a rotation of the corresponding S-N curve
around N = 1 instead of parallel shift, see Figure 2.5 (b). According to Verheul &
Wardenier (1989), this rotation of the S-N curve takes the size effect better into account
for low numbers of cycles, because for the ultimate limit case (N = 1) no thickness effect
is apparent. The re-developed mathematical formulation to account for the thickness
effect according to van Wingerde et al. (1997), which is included within the CIDECT
Design Guide 8 according to Zhao et al. (2002), reads

f(t, N) =
∆σtr,S
∆σtrefr,S

=
(
tref
t

)0.06·logN

(2.18)

with tref = 16 mm as main tube reference wall thickness. Contrary to Equation (2.17),
the formulation proposed by van Wingerde et al. (1997) does not only account for the
negative impact of the size effect for t > tref but also for a positive size effect for thinner
structures with t < tref .

Both expressions to account for the size effect during the fatigue design process are based
on experimental fatigue test analysis of comparatively thin-walled tubular joints with
γ = D

2T ≥ 12, see Figure 2.9 in Section 2.3.2 for the corresponding geometry definition.
However, considering the dimensions for tubular joints of offshore jacket structures
or bridges a reduced chord slenderness with γ ≤ 12 is typically seen. Therefore, to
confirm the application of Equation (2.18) to tubular joints with thick-walled chords,
Kuhlmann et al. (2014) performed extensive fatigue tests on thick-walled tubular joints
with typical bridge construction dimensions. The results of these tests clearly indicated
that Equation (2.18) is also valid for thick-walled tubular joints with γ ≤ 12. In
addition, neither influences from the manufacturing of the tubular joints nor from the
type of loading on the fatigue strength could be determined (non-proportional scaling
effects), see Kuhlmann et al. (2014).

In Kuhlmann et al. (2020), a combined evaluation of fatigue tests on thick- and
thin-walled tubular joints based on 242 data sets is carried out to further validate
Equation (2.18) for application cases of various tubular joint dimensions. However,
tubular joints with a main tube wall thickness t < 4 mm were not taken into account, as
these joints showed different failure mechanisms according to Mashiri et al. (2007) and
are therefore not comparable. During the analyses, it was found that Equation (2.18)
well reflects the negative size effect for tubular joints with a wall thickness of the main
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tube t > 16 mm. Similar conclusions were drawn by Bucak et al. (2017). However, the
positive size effect for t < 16 mm could not be confirmed by Kuhlmann et al. (2020).
Based on these results, Equation (2.18) was modified by Kuhlmann et al. (2020) for
wall thicknesses t < 16 mm, see Equation (2.19), so that the size effect is only to be
considered for wall thicknesses t > 16 mm.

f(t, N) =
∆σtr,S
∆σtrefr,S

=

1 for t ≤ tref ,(
tref
t

)0.06·logN
for t > tref .

(2.19)

This modified size effect formulation given in Equation (2.19) is included within a recent
proposal of a novel DASt (Deutscher Ausschuss für Stahlbau) guideline for application
to K- and DK-joints, see draft of DASt-Richtlinie 029 (2020).

2.2.5 Residual stresses and mean stress dependence

In general, residual stresses are internal loads in a component or structure that are
not based on external forces, where the residual stresses within the component are in
equilibrium with themselves. According to Radaj & Vormwald (2007), there are several
reasons which can result in residual stresses such as the manufacturing process of a
component using casting, rolling, forging, or welding procedures. Residual stresses may
also occur during the assembly of a structure connecting several structural components.

According to Macherauch et al. (1973) and Radaj & Vormwald (2007) residual stresses
can be classified into 1st, 2nd and 3rd order residual stresses, where the different types
of residual stresses may act within one crystallite (3rd order), over several crystals (2nd
order) and over macroscopic areas (1st order). Regarding the fatigue strength of welded
joints, the macroscopic residual stresses, which also include the residual welding stresses,
are of particular importance, see Radaj & Vormwald (2007). In reality, residual stresses
occur as a superposition of all three types, see Macherauch et al. (1973).

The residual welding stresses can in accordance with Macherauch et al. (1973) be subdi-
vided into shrinkage, phase transformation and quenching residual stresses. Shrinkage
residual stresses generally result from hindered shrinkage during the cooling process of
the heated material. During the locally concentrated heat input of the welding process,
a local thermal expansion can be observed which is hindered by the cooler surrounding
areas of the component resulting in plastic deformations. A comparable process can then
be observed during the cooling phase of the structural detail as the temperature-related
shrinkage of the heated material is hindered by the colder surrounding areas. This
prevented shrinkage in turn results in tensile residual stresses, which are typical for
especially thicker welded joints. Phase transformation residual stresses are based on
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a hindered volume expansion during the austenite phase transformation resulting in
compressive residual stresses, see Wohlfahrt (1986). And finally, quenching residual
stresses result from the temperature difference between the faster cooling surface layers
of the weld seam and the inner slower cooling regions of the component.

During the cooling phase of the welded component, the shrinkage, phase transformation
and quenching residual stresses are superposed leading to a complex state of residual
stresses within the component, see Rethmeier et al. (2011). For further information
on residual welding stresses the author refers to the relevant technical literature, see
Macherauch et al. (1973), Radaj (1992), Hildebrand (2008) and Rethmeier et al. (2011).

When considering the fatigue strength of welded joints, tensile residual stresses have a
particularly negative effect because they overlap with external fatigue loads and can
lead to a locally increased fatigue effective stress up to the value of the yield stress σy.
In contrast, compressive residual stresses have a positive effect on the fatigue strength,
which is utilized when applying post-weld treatment methods (see Kuhlmann et al.
(2005)) such as high frequency hammer peening methods. By hammering the weld
notch, compressive residual stresses are induced mechanically reducing the unfavorable
tensile residual stresses increasing the fatigue strength, see Dürr (2006), Kuhlmann
et al. (2006), Weich (2008) and Schaumann & Keindorf (2010).

Gurney & Maddox (1973) analyzed as a worst-case scenario the interaction of residual
and mean stresses for stiff welded joints, assuming the tensile residual stresses will
reach the value of the yield strength of the base material. According to Gurney (1979),
this would lead to a constant maximum stress level σo during fatigue testing, which is
equal to the yield stress σy, where the residual stresses diminish in accordance with the
proportion of the applied tensile load stresses exceeding the yield strength. Therefore,
the resulting stress ranges are independent of the applied mean stress σm or stress
ratio R as shown in Figure 2.6. Kuhlmann et al. (2014) transferred the aforementioned
aspect to fatigue tests with stress ranges smaller than the absolute value of the yield
strength (∆σ < |σy|). In this case, a fatigue crack would be open at both the maximum
and minimum stress level, so that favorable crack closure will not occur at any point of
an applied cycle. Thus, the fatigue strength of (stiff) welded joints with large welding
residual stresses is considered to be independent of the applied mean stress value.

With regard to the thick-walled tubular joints investigated in scope of this thesis, the
question about the level of residual stresses to be expected arises in order to apply
conservative but not unrealistic high mean stresses during the fatigue tests. According
to Gurney (1977), only low residual stresses can be assumed for small test specimens
created by cutting up larger welded constructions. On one hand, this is not true for
thick-walled welded tubular joints; on the other, Kuhlmann et al. (2014) point out that
during the assembling of their considered bridge trusses, additional residual stresses
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Figure 2.6: Superposition of load and residual stresses according to Gurney (1979)

resulting from restraint forces are to be expected, which are not represented by the
tested tubular joints. Based on this consideration, they assume moderately high residual
stresses and thus a certain mean stress effect for the thick-walled tubular joints tested.

The theoretical explanations given above are supported by two experimental test series
conducted by Zirn (1975) and Kuhlmann et al. (2014), in which the mean stress
dependency was investigated for R = −1 and R = 0. For the tubular joints (γ = 11.1)
tested by Zirn (1975), a mean stress influence of an order of magnitude comparable
to the values given in Figure 2.7 for low residual stresses could be determined as
re-analyzed by Kuhlmann et al. (2014). In contrast, no pronounced mean stress effect
could be established for the thick-walled tubular joints (γ = 3.4) tested by Kuhlmann
et al. (2014), so that high residual stresses can be assumed to occur for these tubular
joints. Based on the theoretical considerations as well as the experimental investigations,
Kuhlmann et al. (2014) recommend using a stress ratio of R ≥ 0 for fatigue tests of
thick-walled tubular joints with γ < 12.

With respect to the dimensions of the automatically welded tubular joints (γ = 9.2)
tested in scope of this thesis similar considerations can be drawn, since these tubular
joints represent a structural detail that is part of the framework of an offshore jacket
substructure. Therefore, additional residual stresses are expected to occur during the
assembly of the jacket structure which will not be included within the tested tubular
X-joints leading to medium high residual stresses within the X-joints. Additionally, the
slenderness of the chord and hence the stiffness of the tubular joint is located in between
the values of the tubular joints tested by Zirn (1975) and Kuhlmann et al. (2014), which
indicates medium high residual stresses. Keeping in mind the recommendation given
above, the automatically welded tubular joints were tested applying external cyclic
loads with a stress ratio of R ≥ 0.
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Figure 2.7: Fatigue strength enhancement factor based on DIN EN 1993-1-9 (2010)
specifications to consider the mean stress dependency in analogy to Kuhlmann et al.
(2014)

2.3 Fatigue assessment of tubular joints

2.3.1 Relevant design guides

The fatigue design of welded tubular joints for support structures of OWECs is generally
based on the structural stress approach (SSA), which is well known in the oil and gas
industry. The application of the SSA is regulated in various offshore standards but
also in the guidelines of the International Institute of Welding (IIW), see Hobbacher
(2016). Apart from the SSA, the notch stress approach (NSA) has recently become
established for the fatigue assessment of various welded joints such as tubular joints,
see Unterweger & Kugler (2020). For the European and international offshore market,
the guidelines of the certifying company DNVGL, such as the DNVGL-RP-C203 (2019),
are considered authoritative for the fatigue assessment of tubular joints applying the
SSA and NSA. However, the recommendations for the fatigue design of tubular joints
according to DNVGL-RP-C203 (2019) are oriented to the corresponding regulations of
the international offshore standard DIN EN ISO 19902 (2014). Moreover, the guidelines
of the American Petrolium Institute, such as the API RP 2A-WSD (2014), are commonly
used for the fatigue design of offshore tubular joints. These recommendations are
also based on DIN EN ISO 19902 (2014). The new German standard DIN 18088-3
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(2019) defines the fatigue verification of tubular joints for jacket support structures in
accordance with DIN EN 1993-1-9 (2010), called Eurocode 3 (EC 3). However, in the
currently valid version of EC 3 the fatigue assessment of tubular joints on behalf of the
SSA is not explicitly included.

In addition to the aforementioned applications in the offshore industry, welded tubular
joints are widely used in traditional steel construction such as bridge or crane con-
struction. For this purpose, the corresponding fatigue assessment based on the SSA is
regulated by the CIDECT Design Guide 8, see Zhao et al. (2002), and the preliminary
version of the revised EC 3, see prEN 1993–1–9 (2020). Besides the SSA, both guidelines
allow the fatigue verification to be carried out on the basis of the less complex nominal
stress approach for a limited range of application.

In the following sections the theory and the normative implementation of both the SSA
and NSA will be outlined in detail focusing on the application to tubular joints. In
addition, further fatigue assessment approaches such as the nominal stress approach,
the notch strain approach and the fracture mechanics approach will be briefly discussed
for the sake of completeness, even if these approaches were not applied in scope of this
thesis.

2.3.2 Structural stress approach

Since the nominal stress approach is not applicable for lattice offshore wind substructures
due to the lack of suitable detail categories, the fatigue assessment is carried out utilizing
the well-known structural stress or hot spot approach, that has been established in the
oil and gas industry for decades, see Schaumann & Kleineidam (2004) and Hectors &
de Waele (2020). The basic idea of the SSA is to perform the fatigue assessment based on
the structural stress distribution in proximity of the weld toes without capturing locally
occurring geometrical effects of the weld such as notches or undercuts. Regarding the
numerical application of the SSA, this procedure reduces the modeling effort enormously,
because no high-resolution numerical models representing the real contour of the weld
have to be generated to determine the fatigue relevant structural stress σS. However,
according to Romeijn (1994) an idealized representation of the weld should be modeled
for stiffness reasons.

For the commonly used application of the SSA within a linear elastic numerical sim-
ulation the fictitious structural stress σS, also known as hot spot stress, of a welded
tubular joint must be determined by a linear extrapolation of the stress distribution
throughout the notch based on two geometry depending reference points A and B as
shown in Figure 2.8, see Hobbacher (2016). According to typical offshore guidelines,
the extrapolation of σS shall be performed normal to the weld toe considering the
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maximum principal stress, see DIN EN ISO 19902 (2014), API RP 2A-WSD (2014)
and DNVGL-RP-C203 (2019). In the CIDECT Design Guide 8, the structural stress is
not determined from the maximum principal stress distribution, but the primary stress
perpendicular to the weld toe according to Romeijn (1994) is considered to be decisive,
see Zhao et al. (2002).
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Figure 2.8: Determination of the structural stress σS by linear extrapolation between
the reference points A and B according to ECCS Technical Committee 6 - Fatigue
(1985)

In EC 3, structural stresses are generally computed on behalf of the maximum principal
stress distribution, see DIN EN 1993-1-9 (2010). However, in the currently valid version
of EC 3 no explicit recommendations are given for the fatigue verification of tubular
joints based on the SSA. This changes with regard to the current revision of EC 3. In
the second draft of the revised EC 3, the application of the SSA to tubular joints is
explicitly defined, whereby the structural stresses are to be calculated from the stress
component perpendicular to the weld seam, see prEN 1993–1–9 (2020).

The definitions of the reference points A and B are given in the standards and guidelines
as functions of the geometrical parameter of the considered tubular joint as shown in
Table 2.2 with the intention of neglecting the influence of the local weld geometry on the
structural stress σS, see ECCS Technical Committee 6 - Fatigue (1985) and Nussbaumer
et al. (2018). The exact definition of A and B is slightly varying between the codes,
whereby the mentioned offshore standards are defining the same extrapolation points
given in Table 2.2. However, the CIDECT Design Guide 8 defines a different location for
reference point A of chord and brace compared to the offshore standards (see Table 2.2),
which was adopted by the preliminary version of the revised EC 3, see prEN 1993–1–9
(2020) combined with prEN 1993-1-14 (2020).

Besides the aforementioned extrapolation method, σS can also be numerically determined
by a stress linearization over the wall thickness of the tube according to Dong (2001),
see Radaj et al. (2006) for further detailed information. For certain circumstances the
DNVGL-RP-C203 (2019) also allows σS to be read out as a discrete stress value at a
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2.3 Fatigue assessment of tubular joints

Table 2.2: Positioning of the extrapolation points A and B in relation to the weld toe
according to DIN EN ISO 19902 (2014) and DNVGL-RP-C203 (2019) (represented by
the DNVGL values) as well as for the CIDECT Design Guide 8 according to Zhao et al.
(2002). The geometrical parameter are related to Figure 2.9 with R = D

2 and r = d
2

Extrapolation
points

Chord Brace
Crown Saddle Crown Saddle

A 0.2 ·
√
rt 0.2 ·

√
rt

B 2πR · 5
360D

N
V
G
L

0.4 · 4
√
rtRT

≈ 0.09 ·R
0.65 ·

√
rt

A 0.4 · T 0.4 · t

BC
ID

E
C
T

0.4 · 4
√
rtRT 0.09 ·R 0.65 ·

√
rt

specified distance of 0.1 ·
√
rt from the weld toe, whereby r represents the radius of the

considered tube and t the wall thickness.

Based on the numerically determined structural stress σS, the stress concentration
factors (SCF) can be computed according to Equation (2.20) considering separate
nominal stresses (for example equal to unity) based on the three principal loading
modes axial force Fax, in plane bending (IPB) moment MIPB and out of plane bending
(OPB) moment MOPB.

SCF = σS
σN

(2.20)

In addition to the numerical procedures to compute the SCFs, empirical approximation
formulae for SCFs of tubular joints are incorporated within the offshore standards which
where developed for example by Efthymiou (1988) and Lloyd’s Register, see OTH 354
(1997). Within the CIDECT Design Guide 8 separate empirical SCF formulae were
developed, see Zhao et al. (2002). In general, all of the mentioned SCF approximation
formulae are dependent on the geometry and the classification of the considered tubular
joint and are therefore based on the dimensionless parameters α, β, γ and τ as given in
Equation (2.21) as well as the chord-brace angle θ according to Figure 2.9.

α = 2L
D

, β = d

D
, γ = D

2T , τ = t

T
(2.21)

whereby D, d, L, T and t are defined in Figure 2.9 for a tubular X-joint.
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Crown (Toe) Crown (Heel)
Saddle

T

D

d

t

L

θ

l

Figure 2.9: Geometry definition of a tubular X-joint according to DNVGL-RP-C203
(2019)

The structural stress values required for the SSA based fatigue design can then be
obtained by multiplying the SCFs of each principal loading mode (Fax, MIPB and
MOPB) with the corresponding nominal stress collectives representing the defined design
load cases according to DNVGL-ST-0126 (2018) and IEC61400-3 (2019), which are
determined by means of global structural simulations. The obtained structural stress
collectives per principal loading mode are then superimposed, for example according
to DNVGL-RP-C203 (2019), to obtain structural stress collectives for each design
load case. These collectives are further processed to perform the fatigue assessment
based on the design S-N curves specified in the standards and guidelines considering
the size effect formulations given in Section 2.2.4. The fatigue life or the cumulative
damage D, respectively, of the structure is then determined by applying the linear
damage accumulation rule according to Miner (1945), see Equation (2.22). For further
information about the global structural analysis of offshore substructures as well as the
detailed fatigue verification procedure the author refers to Schaumann & Böker (2007),
Böker (2009), Lotsberg (2016), Seidel et al. (2016), Nielsen et al. (2019) and Häfele
(2019).

D =
n∑
i=1

Di =
n∑
i=1

ni
Ni

(2.22)

with ni denoting the occurring load cycles according to the considered load cases and
Ni being the endurable number of load cycles according to the corresponding design
S-N curve.
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Normatively regulated S-N curves

The S-N curves defined in the previously mentioned offshore standards to determine the
fatigue strength of welded tubular joints are based on in total 92 fatigue tests performed
in air on various medium- and large-scaled offshore tubular joints. The outcomes of
these background fatigue tests, which were conducted internationally in the 1970s and
1980s, are summarized within the OTH 92 390 (1999) report. To account for the impact
of the corrosive offshore environment such as sea water with and without cathodic
protection further experimental and fracture mechanics-based investigations have been
performed on tubular and plate joints resulting in environmental penalty factors. These
penalty factors were used to derive the appropriate S-N curves for environmentally
effected tubular joints from the original in-air design S-N curves, see OTH 92 390 (1999).
This procedure was finally adopted by the offshore standards. Therefore, this thesis
will only focus on the original S-N curves for tubular joints tested in air.

The fatigue tests summarized in the OTH 92 390 (1999) report were performed by
applying one of the three principal loading modes considering through thickness cracking
as failure criterion. The corresponding structural stress was determined by a linear
extrapolation of the maximum principle stress towards the weld toe as previously shown
in Figure 2.8.

The corresponding design S-N curve T was determined by calculating the best linear fit
to a log10(∆σS) versus log10(N) relationship using the least mean square method. This
procedure resulted in a design S-N curve with a characteristic value of ∆σC = 114 N/mm2

for NC = 2 · 106 load cycles, called FAT 114 in accordance with EC 3, with a probability
of survival (PS) of 97.7 %. The inverse slope of the S-N curve T was set to m1 = 3
for N ≤ ND = 1 · 107 and to m2 = 5 for N > ND = 1 · 107 load cycles due to
the consideration of a constant amplitude fatigue endurance limit. The reference wall
thickness according to Equation (2.17) was set to tref = 16 mm due to the comparatively
large number of fatigue tests on tubular joints with a 16 mm wall thickness of the failed
chord.

The corresponding design S-N curve T according to OTH 92 390 (1999), which was
adopted by DIN EN ISO 19902 (2014), DNVGL-RP-C203 (2019) and API RP 2A-WSD
(2014), is given in Equation (2.23) and the background fatigue test results are plotted
in Figure 2.10. However, according to the definition given in API RP 2A-WSD (2014),
S-N curve T is only valid for a 97.0 % survival probability.

log10(N) =

12.476− 3 · log10(∆σS) for N ≤ ND = 1 · 107 load cycles,
16.127− 5 · log10(∆σS) for N > ND = 1 · 107 load cycles.

(2.23)
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Figure 2.10: Background fatigue test data of the offshore tubular joint design S-N curve
T (FAT 114) according to the OTH 92 390 (1999) report considering the size effect as
given in Equation (2.19)

Within this thesis, the computed S-N curves will be denoted by the corresponding
characteristic fatigue strength ∆σC which is valid for NC = 2 · 106 load cycles. For
reasons of clarity, the reference to NC = 2 · 106 load cycles is no longer explicitly
stated in the following. Furthermore, normatively defined design S-N curves are called
FAT-classes in this work.

In addition to the determination of the design S-N curve, the authors of OTH 92 390
(1999) further examined the 59 fatigue tests on tubular joints with a chord wall thickness
of 16 mm with regard to the impact of the loading mode. By doing so, a particularly
damaging impact of an axial brace loading could be determined compared to the other
loading modes. Based on these outcomes, the fatigue tests conducted in scope of this
thesis were carried out considering an axial brace loading.

The S-N curve for the fatigue design of tubular joints defined within the CIDECT
Design Guide 8 is based on investigations conducted by van Wingerde et al. (1997)
on 170 fatigue tests, whereby the data basis was partly overlapping with the data
sets given in the OTH 92 390 (1999) report. Van Wingerde et al. (1997) basically
confirmed the S-N curve T (FAT 114) determined by the authors of OTH 92 390 (1999),
although he computed a slightly lower S-N curve with ∆σC = 107 N/mm2. In view of
the steeper slope of this slightly reduced S-N curve with m1 < 3, van Wingerde et al.
(1997) considered the application of S-N curve T provided in OTH 92 390 (1999) for
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2.3 Fatigue assessment of tubular joints

the fatigue design of welded tubular joints to be justified, so that the FAT 114 was
also adopted for the CIDECT Design Guide 8, see Zhao et al. (2002). However, the
endurance limit (ND = 5 · 106 load cycles) and the survival probability (95.0 %) as well
as the size effect formulation (see Section 2.2.4) vary from the definitions given in the
offshore guidelines.

In prEN 1993–1–9 (2020) (prEC 3) a slightly different approach is taken for the definition
of the design S-N curves. Instead of one given design S-N curve, that is valid for a
specified reference wall thickness, combined with a corresponding size effect formulation,
several wall thickness dependent S-N curves are defined. However, with respect to
the wall thickness t = 16 mm, prEC 3 also recommends a FAT 114 S-N curve. A
summarizing overview of the S-N curve definitions provided by the most relevant
standards is given in Table 2.3 and Figure 2.11.

Table 2.3: S-N curve definitions according to relevant standards

Standard ISOa) DNVGLb) APIc) CIDECTd) prEC 3e)

Design FAT 114 FAT 114 FAT 114 FAT 114 FAT 114
S-N curve (t = 16 mm)
Probability of
survival (PS) 97.7 % 97.7 % 97.0 % 95.0 % 95.0 %

Slope m1 3 3 3 3 3
for N ≤ ND

Endurance
limit ND

1 · 107 1 · 107 1 · 107 5 · 106 5 · 106

Slope m2 5 5 5 5 for 5 for
for N > ND N ≤ 1 · 108 N ≤ 1 · 108

Failure
criterion

Through
thickness
crack

Through
thickness
crack

Through
thickness
crack

Through
thickness
crack

Through
thickness
crack

Reference wall
thickness tref

16 mm 16 mm 16 mm 16 mm −

Size effect
(
tref
t

)0.25 (
tref
t

)0.25 (
tref
t

)0.25 (
tref
t

)0.06·logN t dependent
S-N curves

a) according to DIN EN ISO 19902 (2014)
b) according to DNVGL-RP-C203 (2019)
c) according to API RP 2A-WSD (2014)
d) according to Zhao et al. (2002)
e) according to prEN 1993–1–9 (2020)
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Figure 2.11: Design S-N curves according to the definitions given in Table 2.3 related
to a survival probability of 97.7 %

For tubular joints whose weld root is known as being fatigue-critical such as tubular
joints with equal chord and brace diameter (D = d) or after the application of post-weld
treatment methods the DNVGL-RP-C203 (2019) recommends an additional fatigue
assessment of the weld root. Therefore, a crack propagation calculation is recommended
to determine a reduction factor that accounts for the different detectable defect sizes
using non-destructive testing between a single-sided butt-welded joint and a single-sided
welded tubular joint. For a fatigue assessment of the tubular joints’ weld root S-N
curve F3 (FAT 56) for single-sided butt-welded joints is then reduced by this factor
according to DNVGL-RP-C203 (2019). Alternatively, for simple tubular joints such as
K-, T-, Y-, and X-joints the stress at the weld root can be approximated by reducing
the maximum outside SCFs for chord and brace with an empirical reduction factor,
which is defined in DNVGL-RP-C203 (2019). The fatigue life can then be estimated on
behalf of the reduced SCFs together with the W3 S-N curve (FAT 36). Furthermore,
the DNVGL-RP-C203 (2019) allows an additional inside welding.

Recent developments on thick-walled tubular joints

Since the background fatigue tests given in the OTH 92 390 (1999) report were mostly
performed on thin-walled tubular joints with γ ≥ 12, experimental investigations
conducted in the recent past were mainly focused on thick-walled tubular joints with
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γ < 12. Fatigue tests on planar circular hollow section truss girders were performed by
Schumacher (2003) (8 tests) and Borges (2008) (2 tests) at the École Polytechnique
Fédérale de Lausanne (EPFL), Switzerland. During the tests conducted by Schumacher
(2003), 16 thick-walled welded tubular joints were tested with γ ≈ 6.8, where four of the
tested joints experienced some post-weld treatment, see also Schumacher & Nussbaumer
(2006). Borges (2008) obtained fatigue test results for two thick-walled tubular joints
with γ ≈ 4.2.

Besides the investigations in the size effect mentioned in Section 2.2.4, Nussbaumer
& Schumacher (2002) report a comparatively large influence of the methodology for
determining the SCFs on the fatigue strength. The S-N curves based on SCFs determined
from strain measurements differed by approximately 22 % for NC = 2 · 106 load cycles
compared to the values determined on the basis of SCFs that were computed on behalf
of the empirical formulae given by the CIDECT Design Guide 8 (∆σC = 86 N/mm2

versus ∆σC = 105 N/mm2), see Schumacher & Nussbaumer (2006). However, it should
be noted that the tubular joints investigated by Schumacher & Nussbaumer (2006) were
intentionally outside the scope of application of the empirical formulae given by the
CIDECT Design Guide 8 (γ ≥ 12) to point out the requirement for suitable empirical
formulae, see Nussbaumer & Schumacher (2002). For this reason, the application limit
of the empirical formulae given in the CIDECT Design Guide 8 has been extended by
Herion et al. (2019) for thick-walled tubular joints (γ < 12) including high-strength
steels up to 700 N/mm2 yield strength.

Within the European Research Fund for Coal and Steel (RFCS) project JABACO, 8
manually welded tubular joints with γ = 10.5 have been tested by Zilli et al. (2019)
considering typical medium-scaled offshore dimensions. Additionally, 2 manually welded
large-scaled tubular joints (γ = 11.5) have been tested by using a resonance based
testing device enabling a testing frequency about 20 Hz, see Thibaux et al. (2015),
Thibaux et al. (2019) and van Wittenberghe et al. (2019). In addition to these 10
fatigue tests on manually welded joints, 9 automatically welded tubular joints have
been tested as described in Section 2.4.

Within the German FOSTA research project P 815 59 fatigue tests on varying thick-
walled tubular joints with γ ranging from γ = 3.41 to γ = 6.35 were performed
by Kuhlmann et al. (2014) in Stuttgart and Munich. A detailed overview of the
fatigue test parameters can be obtained from Kuhlmann et al. (2015). Based on these
fatigue tests Kuhlmann et al. (2014) determined a structural stress-based S-N curve
with a characteristic fatigue strength of ∆σC = 104 N/mm2, a corresponding survival
probability equal to 95 %, a fixed inverse slope m1 = 3 and a reference wall thickness
of tref = 16 mm.
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Within the scope of the FOSTA research project P 1163, 30 thick-walled tubular joints
(γ = 3.4 to γ = 5.5) were tested in analogy to the predecessor project P 815 by
Kuhlmann et al. (2020) focusing on the effect of weld seam irregularities on the fatigue
resistance. A combined analysis of the fatigue test data obtained in both projects
(P 815 and P 1163) resulted in a structural stress-based S-N curve with a characteristic
fatigue strength of ∆σC = 105 N/mm2 (95 % survival probability, m1 = 3, tref = 16 mm).
Kuhlmann et al. (2020) additionally stated the effects of weld seam irregularities such
as non-fully penetrated welds at the crown toe or reduced weld seam volumes can be
considered during the fatigue assessment using the SSA by accordingly adopting the
numerical models used for the computation of the SCFs. Kuhlmann et al. (2020) also
analyzed the weld geometry parameters flank angle θt and notch radius ρ for selected
areas of the tested tubular joints.

In addition to the performed fatigue tests, Kuhlmann et al. (2020) compiled tubular
joints’ fatigue test data published in literature (242 data sets) including the tests
mentioned in this section, with the exception of the tests conducted by Zilli et al.
(2019) within the JABACO project. Based on these fatigue test data on thin- and
thick-walled tubular joints, Kuhlmann et al. (2020) computed an S-N curve for manually
welded tubular joints with a characteristic fatigue strength of ∆σC = 104 N/mm2 (95 %
survival probability), a fixed inverse slope of m1 = 3 and a corresponding reference wall
thickness of tref = 16 mm. The size effect was included according to Equation (2.19).
The obtained standard deviation in direction of the fatigue life was equal to sN = 0.283.

Considering the mathematical formulations given by Haibach (2006), sN can be trans-
formed into the standard deviation in load direction which is equal to sσ = 0.094 N/mm2

for these data sets. By knowing the value of sσ, a corresponding S-N curve with a
97.7 % survival probability can be computed which has a characteristic fatigue strength
of ∆σC = 95 N/mm2. This S-N curve is approximately 17 % lower than the current
design S-N curve T according to DNVGL-RP-C203 (2019). For a detailed description
of the mathematical expressions used, the author refers to Haibach (2006).

Based on these analyzed data obtained from the extensive literature research, Kuhlmann
et al. (2020) proposed a FAT 100 as new structural stress based 95 % design S-N curve
for the fatigue assessment of tubular joints which is included within the recent proposal
of the novel DASt guideline DASt-Richtlinie 029 (2020) for application to K- and
DK-joints. The size effect is considered according to Equation (2.19) while the reference
wall thickness is equal to tref = 16 mm. The inverse slope of the S-N curve is set to
m1 = 3 for N ≤ 5 · 106 load cycles. With respect to the 97.7 % survival probability
specified by DIN EN ISO 19902 (2014) and DNVGL-RP-C203 (2019) considering the
corresponding standard deviation sσ = 0.094 N/mm2 of the analyzed data sets the new
proposal is equal to a FAT 92 S-N curve.

38



2.3 Fatigue assessment of tubular joints

An own compilation of the previously presented more recent fatigue tests on the
thick-walled manually welded tubular joints is shown in Figure 2.12, whereby the four
fatigue tests on post weld treated tubular joints performed by Schumacher (2003)
as well as the tests with included weld seam irregularities performed by Kuhlmann
et al. (2020) were neglected. The size effect is included according to Equation (2.19).
The statistical evaluation was based on the following two methods. Firstly, the S-N
curve was computed in accordance with the procedure given in the DNVGL-RP-C203
(2019) recommendation assuming a log-normal distribution of the fatigue test results as
recommended by Hobbacher (2016). Then, the statistical evaluation was conducted on
behalf of the procedure given in the background documentation 9.01 of the EC 3 (DIN
EN 1993-1-9 (2010)) fatigue design rules, see ECCS Technical Committee 6 (2018),
assuming a Student’s t-distribution of the test results. In contrast to the log-normal
distribution, this procedure provides more conservative results for smaller test series.
However, for larger test series the results are converging. Regardless of the procedure
used, the S-N curves were calculated for 97.7 % survival probability.
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Figure 2.12: Fatigue test evaluation for thick-walled manually welded tubular joints
obtained from literature

By doing so, S-N curves with ∆σC = 93 N/mm2 were obtained for both evaluation
methods, whereby the inverse slope of the S-N curve is set to m1 = 3 and tref is equal
to tref = 16 mm. The endurance limit is in analogy to the current offshore standards
set to ND = 1 · 107 load cycles for all S-N curves shown in Figure 2.12. The computed
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standard deviations are equal to sN = 0.237 and sσ = 0.079 N/mm2. The results of the
statistical analysis are also summarized in Table 2.4, where in analogy to Haibach (2006)
the scatter range TN denotes the ratio of the load cycles for 2.3 % and 97.7 % survival
probability and Tσ is the ratio of the corresponding stress ranges as shown below.

TN = 1
N2.3 % : N97.7 %

, Tσ = 1
∆σ2.3 % : ∆σ97.7 %

(2.24)

Table 2.4: Statistical evaluation of the fatigue test results for the manually welded
thick-walled tubular joints given in Figure 2.12

DNVGL Doc.9.01
∆σC,97.7 % 93 93
[N/mm2]
sN [-] 0.237
sσ [N/mm2] 0.079
TN [-] 1 : 9.60 1 : 9.43
Tσ [-] 1 : 2.13 1 : 2.11

The computed S-N curves representing the fatigue resistance of thick-walled tubular
joints are in good accordance to the S-N curves determined by Kuhlmann et al. (2020)
on behalf of the extensive literature research. The results clearly show that thick-walled
tubular joints (γ < 12) have a similar fatigue resistance compared to thin-walled tubular
joints (γ > 12) when considering the size effect. Similar results have been obtained by
Kuhlmann et al. (2014) but based on the analysis of a smaller database for thick-walled
tubular joints.

When comparing the results obtained for the thick-walled tubular joints as well as the
S-N curves determined by Kuhlmann et al. (2020) to the current design S-N curve
T according to the offshore guidelines a quite large difference of approximately 18 %
for NC = 2 · 106 load cycles (∆σC = 93 N/mm2 versus ∆σC = 114 N/mm2) can be seen.
According to the proposal given by van Wingerde et al. (1997), this difference might be
based on a confusion of the corresponding failure criterion considering total rupture of
the tubular joints instead of through thickness cracking when analyzing the background
data of the design S-N curve T. However, an own re-analysis of the given background
data (see OTH 92 390 (1999)) considering the number of load cycles for through
thickness cracking N3 (N4 values for total rupture are given in OTH 92 390 (1999) as
well) confirmed the characteristic fatigue strength of ∆σC = 114 N/mm2 of the current
design S-N curve T considering a 97.7 % survival probability (m1 = 3, tref = 16 mm).
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Another reason for the differences between the fatigue strengths can be seen in different
steel grades used in the manufacturing of the tubular joints. The steel grades used within
the offshore industry usually show a higher toughness compared to standard structural
steels, for example the used S355J2 for the tubular joints tested by Schumacher (2003),
Borges (2008), Kuhlmann et al. (2014) and Kuhlmann et al. (2020). Even if according
to Haibach (2006) the influence of the steel grade on fatigue strength is rather small,
this difference may be one contribution to the deviations between the S-N curves.
Unfortunately, no detailed information regarding the materials used is given in the
OTH 92 390 (1999) background documentation.

Besides the effect of varying steel grades, the calculation methods used to determine
the SCFs can have an impact on the characteristic values of the S-N curves. Accord-
ing to the OTH 92 390 (1999) report, empirical formulae were commonly used for
the determination of the SCFs at that time. However, investigations performed by
Nussbaumer & Schumacher (2002) indicated that SCF values, which were not suitably
empirically approximated, can lead to a greater difference in the resulting fatigue
strengths. Furthermore, own numerical investigations on tubular X-joints published
in Schaumann et al. (2019b) and Schaumann et al. (2020) showed that an empirical
determination of the SCFs using the Efthymiou (1988) formulas may result in larger
values than numerically calculated SCFs. In general, these numerically computed SCFs
agreed well with values based on strain measurements, see Kuhlmann et al. (2014),
Larsen et al. (2019b), Schaumann et al. (2020) and Kuhlmann et al. (2020). Similar
conclusions were drawn for offshore tubular T-joints by Lozano-Minguez et al. (2014)
and for tubular K-joints by Herion et al. (2020).

With regard to the fatigue design, the increased SCF values will lead to conservative
results, but this does not apply to the experimental determination of the fatigue
strength, since overestimated SCFs lead to non-conservative S-N curves. Therefore,
Lozano-Minguez et al. (2014) and Herion et al. (2020) recommend determining SCFs on
behalf of finite element simulations rather than using empirical formulae to obtain more
realistic and economic SCF values. Contrary to the fatigue test results published for
example by Kuhlmann et al. (2014) and Kuhlmann et al. (2020), where the SCF values
were computed numerically using finite element simulations, no detailed information
about the origins of the SCF values is given in the OTH 92 390 (1999) report. Therefore,
the computation procedure of the SCF values might be another reason for the deviations
between the S-N curves.

It can be stated that, apart from the assumptions made, no reliable explanation can be
given for the differences between the S-N curves, since not enough detailed information
about the fatigue test data is given in the OTH 92 390 (1999) background documentation.
Further research on that topic is required, which will not be done in this thesis.
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2.3.3 Notch stress approach

Contrary to the SSA, the NSA considers local stress concentrations due to notches
formed by the weld toe or root considering linear elastic material behavior, see Sonsino
et al. (2012). According to Fricke (2012), the actual notch is assumed to be an ideal
sharp notch with a notch radius of ρ = 0 mm which is considered to be the worst-case
scenario. However, since the entire linear elastic notch stress σK is not contributing
to a decreased fatigue strength as described in Section 2.2.3, the consideration of
the microstructural support effect and hence the computation of the fatigue effective
notch stress σf is required. According to the notch rounding approach proposed by
Neuber (1968) as well as the further developments of Radaj (1990) for welded joints
(see Section 2.2.3 for detailed explanations) the ideal sharp notch should be replaced by
a fictitious notch rounding with a reference radius of ρf = 1 mm within the numerical
model as shown in Figure 2.13, see Hobbacher (2016). This fictitious notch rounding is
valid for DNVGL-RP-C203 (2019) as well.

ρf = 1 mm

Figure 2.13: Fictitious notch rounding with ρf = 1 mm according to Hobbacher (2016)

The IIW recommendations proposed by Hobbacher (2016), the FKM-Richtlinie (2012) as
well as the DNVGL-RP-C203 (2019) recommend a FAT 225 S-N curve (97.7 % survival
probability, m1 = 3) for welded steel joints subjected to normal stresses perpendicular
to the weld. This FAT 225 S-N curve was derived from fatigue test results of Olivier
et al. (1994) and Olivier et al. (1998) and was also confirmed by Kranz & Sonsino (2010).
The FAT 225 S-N curve is applicable to the HCF and VHCF range (N > 105), see DVS
Merkblatt 0905 (2017). According to Fricke (2012), the FAT 225 S-N curve is valid for
the fictitiously rounded numerical model considering ρf = 1 mm applying the principal
stress hypothesis. Therefore, the fatigue effective stress σf is equal to the largest surface
node value of the maximum principal stress obtained from the rounded numerical model.
According to Sonsino et al. (2012), the FAT 225 S-N curve corresponds to rupture of
small-scale specimen and through thickness cracking of tubular joints as failure criteria.

In addition, Sonsino (2008) published considerations that the FAT 200 S-N curve can be
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used in combination with the von Mises equivalent stress σv. However, this procedure
was only adopted by the preliminary version of the revised EC 3 prEN 1993–1–9 (2020)
and is therefore not considered in scope of this thesis.

An alternative method for the application of the NSA based on the IGM derived in
Section 2.2.3 is proposed by Lang et al. (2017). Here, the fatigue effective stress σf
is computed on behalf of the IGM instead of a fictitious notch rounding within the
numerical model. By calibrating the required constant a using fictitiously rounded
numerical analogous models, the FAT 225 S-N curve remains valid. Within this thesis,
the application of the IGM-based NSA is given in Section 4.6.

As mentioned in Section 2.2.5, residual stresses have a major impact on the fatigue
resistance of welded joints, especially for complex, stiff components with large wall
thicknesses. Within the NSA this impact of the residual stresses combined with the
corresponding mean stress dependency is considered by a fatigue enhancement factor
f(R) which depends on the stress ratio R as well as on the magnitude of the expected
residual stresses within the welded joint. Typical values for f(R) according to Hobbacher
(2016) are given in Figure 2.14. For large residual stresses of complex welded structures
such as welded tubular joints, f(R) is equal to unity and hence the corresponding fatigue
class FAT 225 will not be altered. The DNVGL-RP-C203 (2019) recommendation does
not distinguish between residual stress states and hence the fatigue enhancement factor
is set to f(R) = 1.
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Figure 2.14: Values of the fatigue enhancement factor f(R) to consider the impact of
residual stresses on the fatigue resistance according to Hobbacher (2016)

According to the IIW recommendations, the effects of the wall thickness on the fatigue
resistance of the welded joints do not have to be considered explicitly when applying
the NSA for the fatigue assessment, see Hobbacher (2016). Contrary to the application
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of the SSA, the influence of the wall thickness is already implicitly accounted for within
the numerical modeling as the uniform notch radius leads to increased notch stresses
for larger wall thicknesses and thus to a reduced fatigue strength, see Fricke (2012) and
DVS Merkblatt 0905 (2017).

The fatigue assessment based on the fatigue effective notch stresses σf and hence
the computation of the resulting damage can now be performed in analogy to the
procedure briefly presented for the SSA. Experimental investigations on the NSA-based
fatigue assessment of offshore tubular joints published by Sonsino (2012) confirmed the
applicability of the approach to these kinds of structures. However, not only the fatigue
test results regarding through thickness cracking were on the safe side, but also the
outcomes considering crack initiation with a crack depth of 1 mm.

Further information on the applications of the NSA to thin plates or for varying
materials is given in Radaj et al. (2006), Sonsino et al. (2012) and Hobbacher (2016).

2.3.4 Further fatigue assessment approaches

Besides the previously described SSA and NSA, several other approaches exist to
determine the fatigue resistance of welded tubular joints. Since these approaches were
not applied in the scope of this thesis, they will only be briefly mentioned for sake of
completeness.

Nominal stress approach

In contrast to the SSA and NSA mentioned above, the nominal stress approach represents
a global fatigue assessment approach, since locally occurring stress concentrations are
not considered on the load side, which is represented by the acting nominal stresses σN .
Therefore, the fatigue strength reducing influences such as structural- and notch-induced
stress concentrations have to be implicitly taken into account on the resistance side
represented by the corresponding S-N curves. For this purpose, component-specific S-N
curves called detail categories or FAT-classes are required, which are obtained by means
of fatigue tests on corresponding structural details or component-like specimens.

Considering welded joints, the structural details are assigned to the detail categories
defined in DIN EN 1993-1-9 (2010) and the IIW recommendations proposed by Hob-
bacher (2016) depending on the geometric shape, the type of the weld seam and the
type of loading, see also Taras & Greiner (2010). As previously shown in Figure 2.10,
the definition of the FAT-classes refers to the characteristic stress range ∆σN,C of the
S-N curve for NC = 2 · 106 load cycles. The fatigue assessment is then performed
by comparing the acting nominal stress range ∆σN to the corresponding value of the
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2.3 Fatigue assessment of tubular joints

given nominal stress design S-N curve. A detailed overview about the procedure of the
nominal stress approach-based fatigue assessment is given in Radaj & Vormwald (2007).

Considering the application of the nominal stress approach for the fatigue assessment
of tubular joints, both the DIN EN 1993-1-9 (2010) and the CIDECT Design Guide 8
according to Zhao et al. (2002) define the detail categories for K- and N-joints given
in Figure 2.15, whereby the geometrical range of application is strongly limited such
as permissible wall thicknesses T , t ≤ 8 mm of the fatigue prone tubular members. A
detailed list of all limitations to apply the nominal stress approach is given in DIN EN
1993-1-9 (2010). A summary of the background investigations performed to develop the
FAT-classes applicable to the mentioned tubular K- and N-joints is given in Kuhlmann
et al. (2020).
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Figure 2.15: Defined detail categories for the fatigue assessment of tubular K- and
N-joints according to DIN EN 1993-1-9 (2010) and CIDECT Design Guide 8

Due to the limitations of the detail categories, two recent FOSTA and CIDECT research
projects conducted in Germany and the Netherlands dealt with the extension of the
application limits to thick-walled tubular K- and N-joints as well as the consideration of
high-strength steels and K-joints with over-welded gaps. Based on own fatigue tests as
well as the previously mentioned extensive literature research Kuhlmann et al. (2020)
proposed several new FAT-classes summarized in Figure 2.16 for thick- and thin-walled
tubular joints to take into account the wall-thickness ratio τ of the tubular members.
Apart from the structural stress S-N curve mentioned in Section 2.3.2, most of these
novel FAT classes are also part of the recently proposed DASt guideline, see draft of
DASt-Richtlinie 029 (2020).
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2.3 Fatigue assessment of tubular joints

In addition, experimental investigations performed by Herion et al. (2019) and Herion
et al. (2020) showed the detail categories defined in DIN EN 1993-1-9 (2010) and
the CIDECT Design Guide 8 are also applicable to high-strength steels up to S700.
Furthermore, the experimental fatigue analyses showed that an over-welding of the
gap has a positive effect on the fatigue strength of tubular K-joints. However, further
detailed investigations on that topic are pending.
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Figure 2.16: Proposal for new detail categories for the fatigue assessment of tubular K-
and N-joints according to Kuhlmann et al. (2020)

Even though the nominal stress approach is widely used in many fields of structural
engineering due to its simplicity, it has significant disadvantages such as the limited
number of detail categories which often cannot be assigned to complex geometries or
novel structures as occurring in the offshore wind industry. In addition, the geometrical
limitations of this approach do not meet typical offshore dimensions. Therefore, instead
of the nominal stress approach, the previously described structural SSA and partially
the NSA are state of the art for the fatigue design of tubular joints of offshore jacket
support structures.

Notch strain approach

Comparable to the NSA, the notch strain approach represents a local fatigue verification
method. The fatigue strength is not assessed via the elastic notch stresses, but is based
on a comparison between the elastic-plastic strain distribution determined in the notch
base and the corresponding material resistance determined on behalf of an unnotched
reference sample. The idea is based on the assumption the fatigue behavior in the notch
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2.3 Fatigue assessment of tubular joints

ground with regard to deformation and crack initiation corresponds to the deformation
and fracture behavior of an unnotched, axially loaded reference specimen located within
this notch. Against this background, the determined strain amplitudes representing the
load side are compared to the strain-based S-N curve of the unnotched material sample.
Further detailed information on the notch strain approach can be found in Haibach
(2006), Radaj et al. (2006) and Radaj & Vormwald (2007).

Although fatigue analyses of axially loaded butt welds based on the notch strain
approach performed by Röscher & Knobloch (2019) and Collmann (2021) confirmed
the applicability of this approach, investigations conducted by Sonsino (2012) could
not prove the application for welded tubular joints. A comparison of the calculated
fatigue strengths for offshore tubular K-joints based on the structural stress, notch
stress and notch strain approaches as well as crack-propagation concepts showed good
agreement between the individual approaches and experimental test data with the
exception of the notch strain approach. The calculated fatigue strengths up to the
technical crack initiation based on the notch strain approach deviated significantly from
the comparative values, see Sonsino (2012) for more details.

Fracture mechanics approach

In addition to the previously mentioned S-N curves-based approaches to determine
the fatigue strength of welded tubular joints, the fatigue life can also be computed on
behalf of the linear elastic fracture mechanics (LEFM) approach. The applicability was
confirmed by Sonsino (2012) for an offshore tubular K-joint. The application of the
LEFM is based on the stable crack propagation phase which can be approximated by
using the empirical Paris’ law according to Paris (1962) and Paris & Erdogan (1963)
given in Equation (2.25) to describe the fatigue life of structures between initial crack
occurrence (for example the technical crack) and a defined failure such as through
thickness cracking or rupture.

da
dN = C ·∆Km (2.25)

Here, the crack growth rate da
dN is computed as a function of the cyclic stress intensity

factor ∆K = Kmax −Kmin as well as the stress ratio and environment dependent crack
growth coefficient C and the slope m of the linear crack propagation behavior plotted
in double logarithmic scale, see Gross & Seelig (2011).

For the computation of the required stress intensity factors ∆K for tubular joints
various empirical (see Rhee et al. (1991), Bowness & Lee (2002) and Mohamed et al.
(2020)) and finite element-based approaches (see Lee (1999), Borges et al. (2012) and
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Yagi et al. (2017)) have been developed. A summary of the crack propagation modeling
in tubular joints is published by Atteya et al. (2019). For further detailed information
about the LEFM approach the author refers to Radaj & Vormwald (2007), Gross &
Seelig (2011), Radaj & Vormwald (2013), Hobbacher (2016).

2.4 Fatigue tests on robot-welded tubular joints

In contrast to the large number of fatigue tests conducted on manually welded tubular
joints, only a few fatigue tests on automatically welded tubular joints have been
published, since the automated welding of tubular joints has only been realized in the
last couple of years, see for example Mückenheim (2019).

Within the RFCS project JABACO in total 9 fatigue tests on robot-welded tubular
X-joints (steel grade S355J2) were performed by Zilli et al. (2019). The tested X-joints
have been fabricated under industrial production conditions by an industrial partner.
Within the test series, 7 X-joints (chord: ∅ 210 mm × 10 mm, brace ∅ 210 mm
× 6 mm, θ = 90◦) have been hydraulically tested applying IPB (4 X-joints, see
Papatheocharis et al. (2020) for further detailed information) and OPB (3 X-joints)
load cases. Additionally, 2 large-scaled X-joints (chord: ∅ 806 mm × 35 mm, brace
∅ 711 mm × 21 mm, θ = 90◦) have been tested using a resonance-based testing
device (as mentioned in Section 2.3.2) applying a rotating bending moment, see van
Wittenberghe et al. (2019). The results of these fatigue tests are shown in Figure 2.17,
whereby the values were standardized with respect to the reference wall thickness
tref = 16 mm utilizing Equation (2.19). The corresponding statistical evaluation was
based on the procedures described in Section 2.3.2.

Based on the statistical evaluations, 97.7 % S-N curves equal to ∆σC,DNV GL = 110 N/mm2

and ∆σC,Doc.9.01 = 103 N/mm2 were determined for m1 = 3 and tref = 16 mm. The
endurance limit is set in analogy to the current offshore standards to ND = 1 · 107 load
cycles for all shown S-N curves. The current design S-N curve T (FAT 114) according
to DNVGL-RP-C203 (2019) is included within Figure 2.17 as well as the novel 97.7 %
FAT 92 S-N curve proposed by Kuhlmann et al. (2020). The standard deviations are
equal to sN = 0.181 and sσ = 0.060 N/mm2, respectively, although these values are
affected by the small number of only 9 fatigue tests. The outcomes of the statistical
analysis are summarized in Table 2.5.
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Figure 2.17: Fatigue test result evaluation for the automatically welded tubular joints
tested within the JABACO project

Table 2.5: Statistical evaluation of the fatigue test results on the automatically welded
tubular joints given in Figure 2.17

DNVGL Doc.9.01
∆σC,97.7 % 103 110
[N/mm2]
sN [-] 0.181
sσ [N/mm2] 0.060
TN [-] 1 : 6.42 1 : 9.70
Tσ [-] 1 : 1.86 1 : 2.13

One additional automatically welded full-scale tubular K-joint (chord: ∅1330 mm ×
60 mm, brace: ∅610 mm × 25 mm, θ = 40◦) will be cyclically tested at LCST (Lindø
Component and Structure Testing A/S) within a Danish research project, see Larsen
et al. (2019a). Within the planned fatigue test, the K-joint, produced of an S355 steel,
will be loaded by an applied axial force combined with an IPB moment according to
Larsen et al. (2019b). Within a detailed numerical analysis performed by Larsen et al.
(2019a) the structural stress distribution σS was evaluated on behalf of a 3D scan of
the automatically fabricated weld geometry of the tubular K-joint. The result of this
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fatigue test has not yet been published.

Within the JaCo research project about an improved fatigue life of welded jacket
connections several manually and automatically welded large-scaled tubular joints will
be tested, see Sinfield et al. (2019). However, no published results are available yet due
to the private funding of the project.

2.5 Weld geometry profiling

For the execution of the tubular joints’ weld seams, several recommendations regarding
the minimum dimensions of the global weld seam geometry are given in the codes.
According to comments given in API RP 2A-WSD (2014), the S-N curve for tubular
joints (FAT 114) defined in the previously mentioned offshore standards refers to the
standard flat profile given in AWS D1.1 (2015). Similar recommendations for the global
weld geometry depending on the wall thickness of the corresponding brace are also
given in GL IV-Part 2 (2012) or the CIDECT Design Guide 8 according to Zhao et al.
(2002).

As investigations about the influence of the weld profile on the fatigue strength of
tubular joints are limited and the effect is not conclusively clarified (see API RP 2A-
WSD (2014)), only a few recommendations on the design of the local weld geometry are
given in the standards. According to de Back & Vaessen (1986) and Marshall (1993),
an optimized shape of the local weld geometry leads to an increased weld leg length
shifting the weld toe into an area of lower stress as shown in Figure 2.18, which has a
positive impact on the fatigue resistance of the tubular joints. In addition, increased
notch radii will also contribute to increased fatigue strengths.

A B

σS,0

(a) Minimum dimensioned weld

A B

σS,1

|σS,1| < |σS,0|

(b) Improved weld geometry

Figure 2.18: Effect of weld geometry profiling on the computed structural stresses σS in
analogy to Kuhlmann et al. (2014)
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With respect to the codes and standards, only the API RP 2A-WSD (2014) enables
an explicit consideration of the positive effects of weld seam profiling on the fatigue
strength of tubular joints. In case of weld profile deviations lower than 1 mm and a
completely concave improved local weld geometry as specified in API RP 2A-WSD
(2014) including a smooth and (near-) surface defect free transition between the base
material and the weld the following improvement can be considered during the fatigue
assessment:

• An increased fatigue strength considering the improvement factor τ−0.1.

• Reduction of the wall thickness exponent k from k = 0.25 to k = 0.2.

• Consideration of the actual weld toe position for the extrapolation points of the
SCFs.

In addition, further improvement factors can be considered when post-weld treatment
methods such as burr grinding or hammer peening at the weld toe have been applied,
see API RP 2A-WSD (2014).

Within the DNVGL-RP-C203 (2019) recommendation the possibility to consider the
positive effect of weld geometry profiling due to improved welding on the fatigue
resistance is not given. Here, weld profiling is defined as post-weld treatment applying
machining or grinding. According to DNVGL-RP-C203 (2019), weld geometry profiling
based on welding only is not considered to have a positive effect on the fatigue strength,
see also OTH 92 390 (1999).

2.6 Digital image correlation

2.6.1 Monitoring fatigue damage during testing

Experimental fatigue tests, in particular for large-welded components such as tubular
joints are typically very time and cost consuming especially when periodical interruption
is required to detect and measure crack initiation and hence the technical crack.
Therefore, in the past several methods were applied to detect initial fatigue cracks
within welded components. A popular method for the detection of cracks during testing
is the application of strain gauges to measure a variation in strain during the occurrence
of initial cracks as applied by Taras & Greiner (2008). The disadvantage of this method
is the exact location of crack initiation must be known in advance to applicate the
strain gauges precisely. Alternatively, an infrared thermography-based procedure was
developed by Medgenberg (2007) and applied by Weich (2008) on welded joints to
detect micro fatigue cracks as well as to monitor the propagation phase. Mehdianpour
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(2014) developed a crack detection method based on luminescence which was utilized by
Weidner et al. (2016) and Makris et al. (2018) for the crack detection within cyclic loaded
welded connections. Feng & Qian (2020) applied a combination of the Alternating
Current Potential Drop (ACPD) method (see Huang (2004) and Bowler et al. (2008))
and Ultrasonic Phased Array (UPA) measurements to detect fatigue cracks in cyclically
loaded tubular joints. Additionally, crack propagation monitoring was also feasible by
combining these two techniques.

In recent years, optical measurement techniques such as the 2D and 3D digital image
correlation (DIC) method (see Helm (1996)), whose fundamentals are explained below
in Section 2.6.2, have become more important for the fatigue damage analysis during
experimental testing. For academic specimens without welds, the application of DIC is
a well-known method for the detection of fatigue cracks, see Vanlanduit et al. (2009) and
Marciniak et al. (2012). For example, DIC was utilized by Rupil et al. (2011) to detect
initiated micro cracks on a notched polished circular specimen. The technology was
also used by Hutt & Cawley (2009) to detect fatigue cracks in cyclic loaded aluminum
alloy plates including holes by measuring a displacement gap across the crack. The
equivalent geometry was checked for fatigue cracks using DIC by Lorenzino et al. (2014)
as well. Other fields for the application of DIC during fatigue tests are the monitoring
of fatigue crack growth processes according to Carroll et al. (2013) and Eremin et al.
(2017) as well as the analyses of crack closure, see Rabbolini et al. (2016). Besides the
previously named applications during fatigue tests, DIC was also utilized on welded
joints for inspection purposes within static tests and to localize defects within the weld,
see Eshtayeh et al. (2015). A combination of DIC (static tests) and the thermographic
method (fatigue tests) according to La Rosa (2000) was applied by Corigliano et al.
(2017) to analyze welded joints of marine structures.

Parallel to the application of DIC for damage monitoring during fatigue tests of welded
tubular joints developed in scope of this thesis (see Schaumann et al. (2019b) and
Section 3.7.2), DIC was utilized in a comparable way during fatigue tests on butt-welded
joints by Friedrich & Ehlers (2019). During these tests, the technical crack, which
was defined as a surface crack with a length of approximately 2 mm, was detected by
analyzing the surface strain distribution in axial direction of the butt-welded specimen.
According to investigations performed by Kovářík et al. (2016) on unnotched specimens,
technical crack occurrence was assumed when the measured strains locally exceeded a
value > 1 %, see Friedrich & Ehlers (2019).
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2.6.2 Fundamentals of digital image correlation

DIC is an optical full-field measuring technique to determine the deformation, the
motion and the shape of an object. The most commonly used DIC method is based
on the assumption that a causal connection exists between the unloaded original state
of an object, represented by a reference image and the deformed state of the same
specimen represented by the target image. The main principal of the DIC technique,
called image matching, is based on the geometrical alignment of two images by detecting
equal physical points, see Chu et al. (1985) and Wang et al. (2015). These two images
may be taken from different viewpoints, by different cameras and at a different time.

In practical implementation, a region of interest (ROI) has to be specified in the
unloaded reference picture first which is further divided into square image fragments
called facets. Therefore, the considered specimen must be prepared prior to the analysis
by applying a stochastic black-white speckle pattern to ensure a unique gray value
distribution on top of the surface, see Crammond et al. (2013). For each facet, an
area based matching algorithm is utilized considering the gray value distribution of the
area to locate the corresponding facet in the target image. The matching algorithm
employs a correlation criterion to detect the best matching facet within a search area by
minimizing the squares of the gray value differences, see Wang et al. (2015). To ensure a
high quality matching of the facets based on the gray value distribution a high-contrast
surface must be given. Besides a variety of correlation criteria C, a simple and robust
minimizing criterion named the parametric sum of squared difference (PSSD) criterion
can, according to Pan et al. (2010) and GOM Testing (2016), be written as

min CPSSD =
N∑
i=1

[
af(xi, yi) + b− g(x′i, y′i)

]2
. (2.26)

Here, a is a scale factor and b is an offset of intensity due to the illumination situation.
The functions f(xi, yi) indicate the gray intensity values at the ith pixel in the reference
subset and g(x′i, y′i) are the matching pixel in the target subset, respectively.

Considering an interrogated point P (x0, y0) in the reference image as shown in Fig-
ure 2.19 (a), a square pattern of N = (2M + 1)× (2M + 1) pixel with its center located
at (x0, y0) is chosen as the reference facet. The displacement parameters and hence the
displacement vector for the point P ′(x′0, y′0) can then be determined from the matching
subset in the target image with maximum similarity, see Figure 2.19 (b). To obtain the
full-field displacement of the ROI, the above described matching procedure has to be
repeated for all interrogated points, see Pan & Li (2011). To compute a high-spatial
resolution combined with a reasonable computational effort, the facets should ideally
overlap each other according to GOM Testing (2016).
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Figure 2.19: Fundamentals of the facets based DIC methodology according to Pan & Li
(2011) and GOM Testing (2016): Matching equal facets in the reference (a) and the
target image (b) based on the unique gray value distribution

Since the positions of the points of interest are generally in the subpixel area during a full
field analysis using DIC and hence no gray value intensities are given, an interpolation
scheme is required to determine the gray values from the adjacent pixels, see Bruck
et al. (1989) and Zhou (2001). In commonly used DIC systems bilinear, bicubic or
spline interpolation schemes are implemented to obtain subpixel accuracy, see Hutt
& Cawley (2009), Pan & Li (2011) and GOM Testing (2016). For additional detailed
information about DIC such as the necessity of camera calibration and the computation
of strains via a polar decomposition of the deformation gradient tensor the author refers
to Pan & Li (2011), Wang et al. (2015) and GOM Testing (2016).

2.7 Findings

The detailed analysis and compilation of the current state of the art concerning the
fatigue performance and assessment of welded tubular joints resulted in several open
questions, especially concerning automatically welded tubular joints. Considering
manually welded tubular joints, a large number of fatigue tests on several joint types and
geometric dimensions have been performed in the last decades resulting in statistically
safe S-N curves. However, for automatically welded tubular joints only a limited
number of fatigue test results are available from the JABACO project, which is too
small to calculate a statistically validated S-N curve for robot-welded tubular joints.
Additionally, the impact of an inner root layer on the fatigue performance has not yet
been investigated.

Most of the fatigue tests carried out on the manually and automatically welded tubular
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joints were evaluated without detailed consideration of the real weld geometry when
determining the SCF values for the application of the structural stress approach, which is
the state of the art for the fatigue verification. As the local weld geometry-related stress
concentrations can only be considered to a minor extent via the linearly extrapolated
structural stresses, the impact of the local weld geometry on the fatigue strength is so
far only implicitly included in the S-N curves. Possible positive effects of a uniform,
robot-fabricated weld geometry can thus only be considered to a limited extent applying
the structural stress approach. In addition, the application of the notch stress approach
is allowed according to the standards, which enables an explicitly consideration of the
robot-fabricated weld geometry in the fatigue analysis. A systematic comparison of
both approaches has not yet been carried out for automatically welded tubular joints.

Structural stress approach-based S-N curves for tubular joints have been established
for through thickness cracking N3, due to the objective and accurate identification
opportunities of this failure mode. In addition, the FAT 225 S-N curve according to the
notch stress approach is also defined to estimate through thickness cracking of tubular
joints. However, fatigue tests on tubular joints published by Sonsino (2012) indicated,
that the FAT 225 S-N curve may be also valid for an initial detectable crack, which
would correspond to significantly less damage compared to through thickness cracking.
For this reason, it is necessary to determine whether the FAT 225 S-N curve is only
valid for through thickness cracking of the automatically welded tubular joints or also
for the technical crack as failure criterion. This requires a continuous monitoring of the
damage evolution with respect to crack initiation during the ongoing fatigue tests.

The reproducibility of the welded tubular joints has so far only been analyzed selectively
and with regard to the scatter of the geometrical parameters of the weld. Detailed
and systematic analyses of the fatigue-related stress distributions over both a full test
series and along the weld seam have not been carried out so far. With respect to an
automated production of the tubular joints, there are significant advantages such as an
increased process stability compared to manually performed welding. Besides a possible
positive effect on the scatter of the fatigue tests, the high process stability enables the
production of geometrically optimized weld seams. However, the influence of this on
fatigue strength is evaluated differently by the standards.

From the analyzed state of the art and the identified open questions the following
objectives and demands on the experimental and numerical investigations presented
within this work are derived:

• Extensive experimental investigations on the fatigue resistance of automatically
welded tubular joints are required to compute a statistically safe S-N curve. Within
these tests, the impact of an additional inner root layer should be investigated by
testing single- and double-sided automatically welded tubular joints.
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• The impact of the increased process stability of an automated welding procedure
on the resulting fatigue strength and hence the corresponding S-N curve should
be investigated by analyzing the scatter of the obtained fatigue test results.

• To enable not only a safe but an economical fatigue assessment of robot-welded
tubular joints using the notch stress approach, an experimental verification of the
FAT 225 S-N curve with respect to the failure criteria technical crack and through
thickness cracking is necessary. Therefore, a procedure to continuously monitor
and evaluate the damage evolution with respect to crack initiation during the
ongoing fatigue tests is required.

• To justify the more complex application of the notch stress approach to tubular
joints in comparison to the structural stress approach, a systematic comparison
of both approaches regarding the mathematically resulting fatigue life and the
prediction quality of the crack initiation location is necessary.

• A statistical evaluation of the reproducibility of the weld seam geometry is required
as prerequisite to consider the effects of robot-based weld geometry profiling on
the fatigue strength. In addition to the geometry parameters, the focus should
be on the real fatigue effective stresses as direct input parameter in the fatigue
verification.

• Since, depending on the standard, robot-based weld geometry profiling is not
considered to have a positive effect on fatigue strength, it is necessary to investigate
the potential of this optimization opportunity. To develop an accurate optimization
strategy including bionic approaches, a profound understanding of the X-joints’
fatigue behavior is necessary, which requires a detailed monitoring of the damage
process.
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3 Experimental Investigations

3.1 Introduction

To expand the limited database of fatigue tests on robot-welded tubular joints for offshore
wind energy supporting structures and to first time quantify the effects of internal welding
on the fatigue strength, a comprehensive fatigue testing program on automatically
welded tubular X-joints was developed. To investigate the effect of an additional inner
root welding, the fatigue tests were performed in two test series, whereby both X-joint
variants tested were identical except for an additional inner root layer considered in the
second test series. The subsequently presented fatigue tests on the single- and double-
sided automatically welded tubular X-joints were performed within the framework of
the research project ‘Quantifying the effects of automated manufacturing and internal
welding on the fatigue resistance of circular hollow section joints for offshore wind energy
converters’, see Schaumann et al. (2020). The corresponding experimental investigations
and statistical fatigue test result evaluations are given within this chapter.

For the evaluation of the fatigue test results with regard to the automated production
strategy of the tubular joints, Section 3.2 gives a brief overview about the robot-based
welding process. An essential aspect of the presented manufacturing strategy comprises
the consistent digitization and allocation of the corresponding process and geometry
data of the resulting weld. However, this high degree of parameter digitization is not
true for the usually performed fatigue tests of these innovatively fabricated structural
components. Therefore, an application of the optical measurement DIC system ARAMIS
to running fatigue tests of welded components is developed in Section 3.3, which enables
the recording and thus digitization of the progressing fatigue damage and therefore a
subsequent detailed analysis of the tubular X-joints’ fatigue behavior.

The planned test program as well as the considered failure criteria and developed
test setup to perform the axial fatigue tests are outlined in Sections 3.4 to 3.6. The
performed fatigue tests on both automatically welded X-joint configurations are then
presented in Section 3.7, whereby the results are statistically evaluated in accordance
with the structural and notch stress approaches and subsequently compared to literature
data. Furthermore, the fatigue tests were analyzed to evaluate the impact of the internal
welding on the fatigue strength. In addition to the fatigue assessment, extensive strain
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3.2 Automated welding procedure of tubular X-joints

gauge chain measurements were carried out in Section 3.8 to verify the numerical models
and to evaluate the impact of the inner weld seam on the mechanical behavior of the
X-joints. Finally, in Section 3.9 the fatigue damage induced stiffness degradation of the
tubular X-joints was quantified on behalf of static tensile tests that were conducted at
various damage levels.

3.2 Automated welding procedure of tubular X-joints

Within this section, a brief summary about the welding procedure and further investiga-
tions on the welding production chain digitization performed by the Federal Institute for
Materials Research and Testing (BAM) in Berlin is given for the sake of completeness.
The subsequently presented automated welding process and weld result analyses of the
tubular X-joints were performed at the BAM. The content of this section has been
taken for the most part from Schaumann et al. (2020), whereby the corresponding
marked figures were provided to the author by the BAM.

3.2.1 Geometric dimensions and materials used

For the automated welding process developed in Schaumann et al. (2020) as well as the
experimental fatigue tests and numerical investigations performed in scope of this thesis,
an X-shaped tubular joint was designed in close collaboration between the author and
the BAM, which was scaled by a factor of 1 : 3.3 compared to realistic offshore jacket
dimensions. Based on the typical dimensions of DK-joints known from jacket foundation
structures and considering the given sizes for standardized tubes, the diameter ratio of
the X-joint was set to β = 0.6 and the wall thickness ratio to τ = 0.44 according to
Equation (2.21) and Figure 2.9 in Section 2.3.2. The corresponding dimensions of the
standardized pipes used, which were hot-finished seamless pipes, are given in Table 3.1
and Figure 3.1 (a). The chord-brace angle θ of the X-joint was set to θ = 60◦.

Table 3.1: Dimensions and steel grades of the used standard tubes

Chord Brace
Diameter D, d [mm] 368.0 219.1

Wall thickness T , t [mm] 20.0 8.8
Steel grade S355J2H + Z35 S355J2H
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Figure 3.1: Geometric dimensions of the analyzed tubular X-joints

A tubular X-joint was designed instead of a DK-joint, due to investigations published
within the OTH 92 390 (1999) report stating that axial loading is seen as the worst load
case regarding fatigue compared to the IPB and OPB load cases. Furthermore, results
obtained by Mangerig & Romen (2009) indicated that tubular X-joints experience
larger fatigue driving stresses then K- and DK-joints. Finally, in contrast to DK-joints,
tubular X-joints enable accurate axial testing opportunities.

The brace stubs were made of S355J2H according to DIN EN 10210-1 (2016) and the
chord tubes were made of S355J2H with the additional quality Z35, see Table 3.1.
Further detailed information about the chemical composition and the mechanical
properties of materials used for chord and brace according to the factory certification
are given in Schaumann et al. (2020).

The lengths of chord and brace were defined as a compromise between the mechan-
ical integrity and the welding production possibilities. The chord length was set to
L = 1000 mm, since the dependency of the fatigue driving SCF values on the chord
length vanishes for this value, see Schaumann et al. (2020). At the same time, a chord
length of L = 1000 mm still enabled the automated production of the X-joints with the
existing welding technology.

The brace length was set to l = 388 mm to exclude a dependency of the decisive
SCFs on l, see Schaumann et al. (2020). However, a CAD-based examination of the
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3.2 Automated welding procedure of tubular X-joints

accessibility for the automated welding of the inner root layer indicated that this would
only be feasible up to an average brace length of l = 200 mm, see Figure 3.1 (a). To
account for these constraints, the length of the ring flanges required to enable a bolted
connection to the hydraulic testing device (see Section 3.6) was enlarged to ensure a
total brace length of l = 388 mm of the final X-joint configuration as shown in Figure 3.1
(b). Additionally, this procedure enabled the implicit testing of the orbital weld seam
connecting the brace with the ring flange which is according to Michels & Brauser
(2014) an essential part of serially produced jackets combining prefabricated tubular
joints and standardized tubes. Therefore, the selected procedure led to a more realistic
testing of the automatically welded tubular joints as part of jacket substructures.

Besides the technical drawings of both X-joint configurations shown in Figure 3.1,
the final dimensions of the tested automatically welded tubular X-joints including the
required ring flanges are given in Equation (3.1) as dimensionless parameters according
to DNVGL-RP-C203 (2019).

α = 2L
D

= 5.43, αBr = 2l
d

= 3.54, β = d

D
= 0.6, γ = D

2T = 9.2, τ = t

T
= 0.44

(3.1)

3.2.2 Geometry tolerances of the used standard tubes

A challenge for the application of the automated welding procedure was the handling
of the geometrical tolerances of the chord and the brace tubes. With respect to the
robot-based production of the tubular X-joints especially the wall thickness t of the
standardized seamless pipes used for the braces deviated in some cases considerably
from the nominal values as measurements from the research partner BAM indicated.
The maximum deviations obtained by ultrasonic measurements were up to 1.6 mm
(≈ 18 %) compared to the nominal values, which is in good correlation with optical
measurements (laser triangulation) that were superimposed on the CAD nominal data
as shown in Figure 3.2.

The tubes that showed an extreme deviation from the nominal values were excluded from
the automated production of the tubular X-joints, since the longitudinal seam-welded
large-diameter pipes usually used in real-scaled jacket constructions deviate only slightly
from the nominal dimensions. The deviations of the tubes used for the automated
production of the tubular X-joints were thus in the lower single-digit percentage range.
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Figure 3.2: Exemplary deviation between CAD data and the real brace tube geometry
according to Schaumann et al. (2018)

3.2.3 Seam geometry and adaptive gas metal arc welding

The weld seam preparation of the brace stubs was performed by milling to ensure
a high quality preparation without large tolerances as required for the application
of the automated gas metal arc (GMA) welding process. To minimize the effects of
the previously mentioned geometrical pipe tolerances on the weld seam preparation,
individual CAD data was used for the manufacturing of the brace stubs, taking into
account the corresponding recorded tolerances. According to investigations conducted
by Kuhlmann et al. (2020), this machining preparation procedure will not affect the
fatigue test results compared to the thermal cutting preparation method.

The designed local weld seam preparation, which is shown in Figure 3.3, included a
constant weld seam opening angle of 45◦ within the orbital range ζ = 45◦ to ζ = 315◦.
In the ζ = 315◦ to ζ = 45◦ range, the weld seam opening angle was continuously reduced
to a minimum of 30◦ for position ζ = 0◦. The definition of the orbital coordinate ζ is
given in Figure 3.3 (b). Related to the definition of a tubular X-joint given in DNVGL-
RP-C203 (2019), ζ = 0◦ corresponds to the crown heel, ζ = 90◦ and ζ = 270◦ belong to
both saddle positions and ζ = 180◦ corresponds to the crown toe, see Figure 3.3 (b).
To prevent the molten pool from falling through a web width of 2 mm was considered.
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Figure 3.3: Variation of weld preparation along the 3D intersection between chord
and brace according to Schaumann et al. (2018) in (a) and definition of the angular
coordinate ζ in (b)

To minimize the axial misalignment between the braces a precise positioning is required
for the tack welding of the brace stubs to the chord tube. Due to geometric tolerances,
the positioning of the brace stubs was robot-supported. On behalf of the definition of a
workpiece reference frame (WKS in Figure 3.4 (a)) in the robot controller, an accurate
positioning of the brace stubs to each other independent of the geometric deviations
was ensured. The digital mapping of the tubular joint in CAD and transmission of
the workpiece reference frame data further allowed the definition of control measuring
points. A tactile measuring program shown in Figure 3.4 (b) was carried out after
finishing the tacking process to check the axial alignment of the brace stubs. The results
were then stored in a corresponding database. By doing so, an axial offset between
both braces < 0.25 mm could be reached, see Schaumann et al. (2018).
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Figure 3.4: Tactile measurement within workpiece reference frame to ensure an accurate
brace positioning according to Schaumann et al. (2018)

The welding process was designed on the basis of the weld seam preparation defined in
Figure 3.3. The welding was always performed in flat position due to the manipulation
of the tubular X-joint, which is illustrated in Figure 3.5 (b). A solid wire with a diameter
of 1.2 mm of quality G 46 6 M21 3Ni1 according to DIN EN ISO 14341 (2011) was
used as filler material. The shielding gas consisted of a mixture of 18 % CO2 in Argon.
Furthermore, a preheating temperature of 100°C was specified.

As shown in Figure 3.5 (a), the welding process started at ζ = 315◦ with a linearly
increased wire feed rate from 7.5 m/min to 11.5 m/min reached at ζ = 45◦. After that,
the process parameters remained constant in the ζ = 45◦ to ζ = 315◦ range. Finally,
starting at ζ = 315◦, the wire feed was again reduced linearly to a value of 8.5 m/min

which was reached at ζ = 45◦. For further detailed information about the settings of
the welding process the author refers to Schaumann et al. (2020).
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Figure 3.5: Setup of the GMA welding process according to Schaumann et al. (2018)
along the weld trajectory in (a) and welding procedure including a manipulator according
to Schürmann et al. (2020) in (b)

3.2.4 Digital weld data management

An essential part of the automated welding of the tubular X-joints was the consistent
digitization of the welding production chain. As shown in Figure 3.6, this includes
the acquisition of the relevant process data of the GMA welding process as well as the
welding result represented by the weld seam geometry and the mechanical-technological
properties. Therefore, the welding equipment and sensor technology used was digitally
networked using a computer-based control system enabling the storage of primary
process parameters such as the transient current/voltage curve, shielding gas volume
flow, wire feed as well as secondary information about the welding process such as HDR
camera recordings in a relational database, see Neubert et al. (2017) and Schaumann
et al. (2020) for detailed information. To enable an unambiguous allocation of the

64



3.2 Automated welding procedure of tubular X-joints

stored data sets and subsequent analyses to the corresponding tubular X-joints, each
X-joint was assigned a unique workpiece identification number (W.ID) as well as a weld
identification number (S.ID) for each welding.
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Figure 3.6: Digitization of the welding production chain according to Schaumann et al.
(2020)

3.2.5 Inspection of the weld seam geometry

The weld seam geometry was optically recorded by utilizing a blue line laser (Micro-
Epsilon LTT-29xx-100) with a resolution of 0.1 mm. To clearly assign the scanned
weld seam profiles to a defined position of the corresponding tubular X-joint without
distortion, the laser scanner was aligned relatively to the defined workpiece reference
frame. By doing so, the coordinate system of the laser scanner could be transferred into
the local workpiece reference frame, which is the basis for a correct recording of the three-
dimensional weld seam geometry and the exact assignment of the weld seam profiles
along the welding trajectory. Due to the size of the tubular X-joints, the weld seam
geometry was recorded along 4 laser scanning paths, which are illustrated in Figure 3.7,
whereby the laser scanning paths were arranged in the positions ζ = 0◦, 90◦, 180◦ as
well as ζ = 270◦.
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Figure 3.7: Laser scanning procedure to capture the 3D weld geometry of the X-joints
according to Schaumann et al. (2020)

An advantage of automated welding production is the reproducibility of the weld
seam geometry which is addressed in detail and further evaluated in Chapter 4. To
determine the deviation between the outside weld geometries of the 32 automatically
welded tubular X-joints the profile measurement data were superimposed for the saddle
positions (ζ = 90◦ and ζ = 270◦) as shown in Figure 3.8. The detail plots of the
superimposed weld seam profiles indicate scatter band widths of approximately 1 to
1.5 mm measured in the middle of the weld. When focusing on the fatigue prone
chord-sided notch a scatter band width of approximately 0.7 mm can be obtained.
However, when neglecting the outliers in Figure 3.8, the deviation of 0.7 mm is valid
for the whole weld. Similar values where obtained for the crown positions (ζ = 0◦ and
ζ = 180◦) as well as the inside welding, see Schaumann et al. (2020).

According to the colleague of the BAM, who performed the automated welding of the
X-joints, the outcomes of this comparison indicate, that the geometric variations of
the standardized pipes were compensated by the applied welding production strategy
and a constant weld seam geometry can thus be guaranteed, see Schaumann et al.
(2020). Keeping in mind the weld seam profiling option given by API RP 2A-WSD
(2014) to improve the fatigue resistance of welded tubular joints, this high degree of
reproducibility opens innovative possibilities for designed weld seams which are according
to own numerical investigations beneficially with respect to the fatigue effective stress
concentrations. This topic is detailed addressed in Chapter 4 and Section 5.7.
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Figure 3.8: Superposition of the outside weld seam profiles obtained at the saddle
positions of 28 robot-welded X-joints
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3.2.6 Metallographic evaluation of the weld root connectivity

The metallographic analyses of the single- and double-sided automatically welded tubular
X-joints were based on segments of the weld seams that were extracted by thermal
cutting after finishing the fatigue tests. Subsequently, cross sections were taken from
these segments at different positions along the welding trajectory. Figure 3.9 (a) shows
the macro section of the saddle position of the double-sided welded X-joint W.ID 256
and the corresponding profile scans, which are in good agreement to the macro section.
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Figure 3.9: Macro sections of the single- and double-sided automatically welded tubular
X-joints in analogy to Schaumann et al. (2020)

Regarding the connectivity of the weld root, Figure 3.9 clearly illustrates the double-
sided welding is to be preferred as this ensures a full penetrated welding compared
to the single-sided welding as shown in Figure 3.9 (b). For some of the single-sided
automatically welded tubular X-joints an incomplete penetration of the weld could be
observed, which, however, had no negative effects on the resulting fatigue strength.
Especially with regard to the quality assurance in an automated production of tubular
joints this incomplete connection can be prevented by welding an inner root layer.

3.2.7 Hardness mapping

A mapping of the resulting hardness is exemplarily shown for the saddle position of the
tubular joints W.ID 256 and W.ID 307 (position ζ = 270◦) in Figure 3.10. The HAZs
of the braces are characterized by maximum hardness values of 380 HV1 (W.ID 307) or
350 HV1 (W.ID 256), which corresponds to the requirements of DIN EN ISO 15614-1
(2017) for steel group 1. The crack initiation point is located within the HAZ of the
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chord as shown for X-Joint W.ID 307 in Figure 3.10, where maximum hardness values
of approximately 325 HV1 were measured.
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Figure 3.10: Exemplary hardness mapping for double-sided welded X-joints according
to Schaumann et al. (2020)

3.3 Technical crack detection using DIC

The application of the 3D DIC technology to fatigue tests of welded (tubular) joints
offers several advantages such as the opportunity to record and thus digitize the fatigue
behavior of the welded joints, which enables the option of reviewing and analyzing the
fatigue test afterwards. Additionally, due to the 3D images taken by the ARAMIS
systems, the real 3D weld geometry of the specimen is digitized and can be exported for
further evaluations as described in Chapter 4. With respect to the fatigue behavior of the
automatically welded tubular X-joints analyzed in scope of this thesis, the localization
of the damaged regions of the X-joints and the detection of the technical crack is of
major importance. The required DIC based evaluation procedure was developed on
behalf of fatigue tests on butt-welded joints as explained below.

3.3.1 Test setup and specimen preparation

For the application development of the DIC method seven fatigue tests of double-sided
butt-welded specimens were conducted using a servo-hydraulic 0.5 MN testing device.
The welded dog bone shaped specimens were made of S355J2 steel plates. The used
welding procedure was equivalent to the previously presented automated GMA welding
method used for the welding of the tubular X-joints, see Section 3.2.3. The geometry of
the specimen was based on butt-welded joints tested within the German FOSTA joint
research project DOVOR (see Lahdo et al. (2015)) and is shown in Figure 3.11.
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Figure 3.11: Geometric dimensions of the butt-welded specimens

Due to the double-sided welding of the specimen four reasonable locations (notches)
of crack initiation were given within the test procedure. Therefore, two independent
ARAMIS 3D 12M DIC systems were utilized to record the fatigue damage development
within the specimen. Each pair of cameras had a resolution of 4096× 3072 pixel (px)
with a focal length of 75 mm. The measuring volume was set to 50 × 38 mm with
a depth of focus of 3.5 mm leading to a final pixel size of 0.012 × 0.012 mm in the
reference image. According to the manufacturer, the corresponding accuracy of the
ARAMIS systems for the used settings is at least 0.002 mm. Figure 3.12 shows the
corresponding experimental test setup.

To ensure a high-contrast surface with a unique gray value distribution, a stochastic
black-white speckle pattern was applied on the specimens. As a first step, the specimens
were coated with white powder utilizing the white developer known from the dye
penetrant inspection. After drying, black liquid graphite was sprayed on the white
surface until a uniform stochastic black-white speckle pattern was created. These
coating substances were applied instead of corresponding lacquers to allow a crack
opening of the coating after crack initiation within the specimen. The applied stochastic
black-white speckle pattern can be seen in Figure 3.13.
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Figure 3.12: Test setup to perform the axial fatigue tests of the butt-welded specimen
including the two ARAMIS 3D 12M DIC systems
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Figure 3.13: Stochastic black-white speckle pattern applied on the butt-welded specimen
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3.3.2 Fatigue testing and DIC measurement procedure

The axial fatigue tests were carried out with a stress ratio of R = 0.1 and a testing
frequency of f = 5 Hz applying constant amplitude values. The applied top loads
expressed in nominal stress values σN,o are presented in Table 3.2.

Table 3.2: Number of performed fatigue tests on the butt-welded joints including the
axial loading expressed as nominal stress values

Number of tested σN,o

specimen [N/mm2]
5 366.7
1 283.3
1 266.7

For the recording of the progressing fatigue damage within the butt-welded joints during
testing, periodically at the maximum load a picture of the prepared specimen was
simultaneously taken by both ARAMIS systems. Therefore, the first system (the master
system) was triggered directly by the load signal of the testing device. The second
ARAMIS system (the slave system) was controlled by the master system by sending
a trigger signal at each time a picture was taken. This procedure ensured that both
images of the hot spots were taken with sufficient temporal accuracy. According to the
manufacturer, the time delay between the two systems for the test setup used is in the
range of 1 to 10 µs, which is sufficiently accurate for this test setup utilizing a testing
frequency of 5 Hz.

Due to the limited temporary storage space during the running measurement, only about
1950 images could be stored per system. Therefore, depending on the expected number
of load cycles N , only a fraction of the images taken could be stored for subsequent
evaluation. A direct effect of this storage-related image reduction on the measured
strain and displacement evolution could not be identified, since no measurement data
gaps related to the image reduction could be detected over the duration of the fatigue
tests.

3.3.3 Fatigue damage evolution

For the presented application of DIC to the automatically welded joints especially
the visualization of the progressing fatigue damage as well as the detection of the
technical crack with respect to the corresponding number of load cycles and location is
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of major interest to verify the fatigue assessment approaches and to improve the fatigue
design and welding strategies. To visualize the damaged regions of the butt-welded
specimen the maximum load distribution of the axial surface strain εx was computed
for all taken images, wherein x is being orientated in direction of the fatigue driving
maximum principle stress which is equal to the axial direction of the butt-welded
specimen, see Figure 3.14 (a). The facet size was set to 15× 15 px which is equivalent
to 0.18× 0.18 mm.
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Figure 3.14: Axial strain εx distribution of the axially loaded butt-welded specimen at
various stages of the recorded fatigue damage evolution

Within Figure 3.14 the distribution of εx is exemplarily presented for four significant
stages recorded during the testing of specimen number 12 which was subjected to an
upper nominal stress of σN,o = 283.3 N/mm2. Within this figure the corresponding number
of load cycles N is related to the maximum number of load cycles Nrup = 6.17 · 105 for
which rupture of the specimen occurred. Figure 3.14 (a) shows the 3D reference image
of the welded joint for the unloaded state which is required for the computation of the
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surface displacements and surface strains as explained in Section 2.6.2. Moreover, the
stored background data of this reference image represents the real 3D weld geometry of
the specimen and can be exported for further analysis as done in Chapter 4.

Figure 3.14 (b) illustrates the distribution of εx at maximum load representing the load
cycle for technical crack initiation according to the definition given in Section 3.3.5. The
location of technical crack initiation is clearly marked by the hot spot of axial strain (in-
dicated in light orange) within the right side of the upper notch. Figure 3.14 (c) presents
the image in which the fatigue crack can be initially detected by visual examination. Fi-
nally, Figure 3.14 (d) shows the fracture of the specimen for N = Nrup = 6.17 · 105 load
cycles.

Besides the initiated crack within the upper notch of the welded specimen, Figure 3.14
(b) to (d) clearly indicate that no fatigue damage occurred within the lower notch. The
same is true for the other side of the specimen. Even though no statistical reliability
is given for the presented fatigue test, the results summarized in Figure 3.14 (b) and
(d) are comparable to the findings of Collmann (2021), stating that the life time until
crack initiation is decisive for the fatigue strength of butt-welded specimen.

Parallel to the application of DIC for damage recording during running fatigue tests
of welded joints developed in scope of this thesis, DIC was utilized in a comparable
way during fatigue tests on butt-welded joints by Friedrich & Ehlers (2019). Here, the
damaged regions of the tested specimen were also visualized by analyzing the axial
surface strain obtained by the ARAMIS measurement. Additionally, Friedrich & Ehlers
(2019) compared the expansion of the strain hot spot to corresponding beach marks
which showed a good agreement between the size of the axial strain hot spot and the
cracked region of the specimen.

3.3.4 Identification of macroscopic cracks

In contrast to the similar visualization method of the damaged regions using an axial
surface strain analysis, the application of DIC to determine the testing time until an
initial macroscopic crack opens developed within this thesis deviates from the procedure
described by Friedrich & Ehlers (2019). As mentioned in Section 2.6.1, Friedrich &
Ehlers (2019) defined the time for the initial opening of a macroscopic crack by analyzing
the surface strain distribution in axial direction assuming macroscopic crack opening
and hence technical crack occurrence when the locally measured axial strains exceeded
a value of εx > 1 %.

Within this thesis, a combination of the axial strain analysis to determine the location
and size of the damaged area as shown in Figure 3.14 was used followed by an axial
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3.3 Technical crack detection using DIC

displacement analysis in analogy to Hutt & Cawley (2009) to determine the testing
time of macroscopic crack opening. The determination of both location and time
of the macroscopic crack opening purely on the basis of the axial strains εx turned
out to be impractical for the butt-welded specimen and subsequently the tubular
joints investigated in scope of this thesis, since the measured strain values depended
significantly on the local resolution or the selected size of the facets, respectively, as
shown in Figure 3.15.

εx [%]

Pa
th
P

3

Pa
th
P

1

0.78 0.54

Pa
th
P

2

0.73

Facet size:
11× 11 px

0.132× 0.132 mm

Facet size:
15× 15 px

0.180× 0.180 mm

Facet size:
13× 13 px

0.156× 0.156 mm

P1, P2, P3 = 0 mm

0.3

0.4

0.5

0.6

0.7

0.8

1 mm

1 mm

Figure 3.15: Dependency of the measured macroscopic crack related axial strain distri-
bution on the adjusted local resolution expressed by the facet size. The images were
taken after N = 7.05 · 104 load cycles

Figure 3.15 compares the macroscopic crack related axial strains within the damaged
hot spot of specimen number 11 (σN,0 = 366.7 N/mm2) for the three different facet
sizes 11× 11 px (0.132× 0.132 mm), 13× 13 px (0.156× 0.156 mm) and 15× 15 px
(0.18 × 0.18 mm). The corresponding testing time for macroscopic crack opening
represented by the shown images was determined on behalf of the displacement analysis
described below. The analyzed strain hot spot is located on the left side of the upper
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3.3 Technical crack detection using DIC

notch. Especially the axial strain results shown in the two upper detail plots for the
smaller and the larger facet sizes illustrate the dependency of εx on the adjusted local
resolution. By using a facet size of 11 × 11 px a corresponding axial strain value of
εx = 0.78 % was determined, whereby a facet size of 15× 15 px resulted in εx = 0.54 %.

The strain comparison for the three different facet sizes also indicates that the location
of the strain hot spot is independent on the facet size and the strain analysis is therefore
suitable to locate the damaged regions within the specimen as experimentally confirmed
by Friedrich & Ehlers (2019). For the given application, however, a macroscopic crack
opening assessment based on a fixed reference value of the measured axial strains equal
to εx = 1 % as proposed by Kovářík et al. (2016) and Friedrich & Ehlers (2019) is not
applicable due to the insufficient convergence of the axial strains for the feasible facet
sizes.

Therefore, a further analysis of the local displacement at the detected hot spots were
performed in analogy to Hutt & Cawley (2009), who detected macroscopic cracks in
drilled aluminum alloy plates by measuring a displacement gap across the crack. For the
analysis of the local displacement, several equidistant evaluation paths with a distance
of 0.1 mm were created across the strain hot spot as shown in Figure 3.15, where three
of these paths (P1, P2 and P3) were sketched. The corresponding displacement obtained
from path P1 for the considered three facet sizes is shown in Figure 3.16. Here a clear
displacement gap of about 0.0015 mm due to the opened macroscopic crack can be seen
at the 2 mm position, which is equal to the position of the damage induced strain hot
spot. Additionally, Figure 3.16 indicates, that the size of the measured displacement gap
depends only very slightly on the adjusted facet size so that an acceptable convergence
is given in this case. Based on these outcomes a medium facet size of 13× 13 px was
considered for the following investigations.

Comparing the measured displacements obtained from path P1 across the strain hot spot
with the values obtained from P2 and P3, which are located slightly aside of the hot spot
as shown in Figure 3.17, a significant difference can be seen. The displacements along
P2 and P3 do not include the significant displacement gap and therefore macroscopic
crack opening is only occurring within the region of the axial strain hot spot. These
results correspond well to the comparison between the expansion of the axial strain
hot spot and the corresponding beach marks performed by Friedrich & Ehlers (2019).
Therefore, the width of the axial strain hot spot representing the macroscopic crack
opening is a good indicator for the length of the opened macroscopic crack.
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Figure 3.16: Measured displacement gap due to macroscopic crack opening evaluated
for the three considered facet sizes. The plotted displacement data correspond to the
axial strain distribution shown in Figure 3.15
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Figure 3.17: Measured displacement gap due to macroscopic crack opening evaluated
across (path P1) and aside (paths P2 and P3) the stain hot spot

To additionally verify the occurrence of a macroscopic crack as indicated by the
displacement gap, three fatigue tests were stopped shortly after the displacement gap
was detected. The stopped specimens were then checked for fatigue cracks within
the strain hot spots using a Keyence Laser Scanning microscope with a magnification
factor of 1 : 475, whereby the resolution was in the nm range. The microscopic images
for specimen number 11 are exemplarily shown in Figure 3.18 (a) together with the
corresponding surface strain distribution. Within the microscopic images two fatigue
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3.3 Technical crack detection using DIC

cracks can be seen, which propagate along the weld notch as visualized by the strain hot
spots and identified as opened macroscopic cracks by the corresponding displacement
gap shown in Figure 3.18 (b).
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(a) Microscopic images of the macroscopic crack propagating
towards the axial strain hot spots after N = 9.61 · 104 load
cycles
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(b) Measured displacement gaps representing the macroscopic crack shown in the microscopic
images above

Figure 3.18: Microscopic image based confirmation of the detected macroscopic crack

It can be summarized that the damaged regions of the cyclically loaded butt-welded
specimens can be identified and localized very well by analyzing the axial strain
distribution. However, the testing time for which a macroscopic crack initially opens
cannot be determined accurately on behalf of the axial strains. The corresponding time
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3.4 Fatigue test program

for initial macroscopic crack opening during testing must be determined through analysis
of the measured temporal displacement evolution with respect to the identification of a
first displacement gap. At that stage, the initial macroscopic crack has opened and the
corresponding number of load cycles can be determined subsequently on behalf of the
corresponding test duration.

3.3.5 Technical crack definition

Based on the aforementioned analyses, and taking into account the definitions of the
technical crack given in Section 2.2.1, the technical crack for application in this thesis
will be defined.

According to Radaj et al. (2006), the technical crack defines the transition between micro
and macro crack growth, or from the engineering perspective between technical crack
initiation and technical crack growth as shown in Figure 2.1 of Section 2.2.1. Therefore,
and in analogy to Friedrich & Ehlers (2019), the technical crack is defined as the
initial macroscopic crack, which is determined on behalf of the initial displacement gap
identified within the temporal evolution of the measured displacement across the axial
strain hot spot. This definition is also suitable to the definitions given by Gudehus &
Zenner (1999) and ECCS Technical Committee 6 (2018) as summarized in Section 2.2.1.

3.4 Fatigue test program

The test program to determine the fatigue strength of the automatically welded tubular
X-joints comprised a total of 32 fatigue tests divided into two series as summarized
in Table 3.3. The two-test series performed differed in an additional inner root layer
welded within the tubular X-joints of the second test series to quantify the effects of an
additional root welding on the fatigue strength of the X-joints. The axial fatigue tests
were carried out in the large test frame of the Institute for Steel Construction of the
Leibniz University Hannover using a servo-hydraulic 1 MN (dynamic) test cylinder by
MTS Systems GmbH. The tests were driven in the force-controlled mode applying a
test frequency of f = 5 Hz.

In analogy to Kuhlmann et al. (2014), the tested tubular X-joints can be seen as
component like specimens, as the X-joints were neither created by dismantling a welded
construction resulting in low residual stresses, nor do they represent the framework of a
jacket structure, which would result in large residual stresses. For the automatically
welded X-joints, moderately high residual stresses and a certain mean stress dependency
can be assumed as explained in Section 2.2.5 in detail. Therefore, in accordance with
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the recommendation of Kuhlmann et al. (2014) for thick-walled tubular joints (γ < 12),
the automatically welded tubular X-joints were tested under consideration of a stress
ratio equal to R = 0.1 to account for a specific residual stress effect, see Section 2.2.5.

In total, 12 of the 16 X-joints of each test series were tested on two load horizons with
6 tests on each horizon. Further X-joints were tested between the horizons (3 tests) as
well as below the lower load horizon (1 test) to more accurately reproduce the course of
the S-N curve in the HCF range. A detailed overview about the applied loads is given
in Section 3.7.3.

To verify the numerical models of both X-joint configurations, strain measurements
were carried out at the fatigue prone saddle positions on 3 of the 16 X-joints per test
series using strain gauge chains. For this purpose, the corresponding test specimens
were statically loaded first considering the upper load of the following fatigue test Fax,o
in order to determine the strain distribution in direction of the fatigue driving maximum
principle stresses. The results of the strain gauge chain measurements are given in
Section 3.8 in detail.

For the 13 remaining X-joints of both test series, the fatigue damage evolution was
recorded and thus digitized by utilizing two ARAMIS 3D 12 M DIC systems during
the running fatigue test. Table 3.3 provides a brief summary of the test program of
the single- and double-sided automatically welded X-joints. The single-sided welded
X-joints are denoted ‘w/o inner weld’ and the double-sided welded joints are named ‘w/
inner weld’ in the following figures and tables.

Table 3.3: Test program of the axial fatigue tests

X-joint Dimensions Fatigue
ARAMIS

Strain
configuration [mm] tests gauges

W/o inner weld
Chord: ∅ 368 × 20 16 13 3
Brace: ∅ 219.1 × 8.8

W/ inner weld
Chord: ∅ 368 × 20 16 13 3
Brace: ∅ 219.1 × 8.8
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3.5 Failure criteria

For the conducted fatigue tests on the automatically welded X-joints the following
failure criteria in analogy to van Wingerde et al. (1997) (see Section 2.2.2) were defined:

• N1: Number of load cycles until the technical crack according to the definition
given in Section 3.3.5 was detected

• N2: Number of load cycles until a first stiffness degradation of the tubular X-joint
could be observed as explained in Section 3.7.2

• N3: Number of load cycles until through thickness cracking was detected

• N4: Number of load cycles until rupture of the X-joint occurs

With regard to the structural stress approach, which is the state of the art for the
fatigue assessment of tubular joints (see Section 2.3.2) considering the through thickness
crack (N3) as failure criterion, the detection of the first crack propagating towards the
wall is of particular importance. During the fatigue tests, the through thickness crack
was detected by measuring an internal pressure drop as usually done in fatigue tests
of tubular joints. For this purpose, an over-pressure of 1 bar was applied in the brace
tubes and the chord was evacuated by 0.5 bar. By selecting a slightly over-pressure in
the brace tubes as well as a slightly under-pressure in the chord, it is not only possible
to detect an externally visible through thickness crack towards both pipes, but also
cracking towards the wall thickness of the chord initiating at the weld root.

Fatigue testing of the tubular X-joints until rupture (N4) was not feasible due to the
used test setup including a fixed lower clamping chuck as shown in Figure 3.22. The
lower clamping chuck would have been loaded by an inadmissible large bending moment
due to the growing damage and the subsequently resulting eccentricity after through
thickness cracking occurred.
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3.6 Test setup

3.6.1 Preparation of test specimen

In preparation for the axial fatigue tests, ring flanges were added to both brace ends of
the X-joints (see Figure 3.19) to enable a bolted connection to the testing device, whereby
the orbital weld seam as an essential part between the prefabricated tubular joints
and the standardized pipes of serially produced jackets were implicitly tested as well.
The resulting final dimensions of the X-joints are given in Section 3.2.1 and Figure 3.1.
Subsequently, the surfaces of the flanges were milled to ensure a plane-parallel alignment
and thus the most axial installation possible in the testing device.

1 mm

Tap hole for air valve/
pressure transducer

Ring flange
Orbital weld

Post weld treatment
using PIT

Ring flange
Tap hole for air valve/

pressure transducer

Black-white
speckle pattern

Figure 3.19: Prepared automatically welded tubular X-joint including ring flanges, the
stochastic black-white speckle pattern and an improvement of the lower weld

The added ring flanges were prepared with two threaded holes in analogy to Kuhlmann
et al. (2014) to apply the required over-pressure using air valves and to detect the
pressure drop caused by through thickness cracking. The evolution of the internal
pressure within the braces during testing was therefore recorded by using absolute
pressure transducers (HBM 1-P8AP/10B-001).

In addition to the ring flanges, a total of 13 X-joints per test series were prepared by
applying a stochastic black-white speckle pattern at the predicted hot spots to record the
fatigue damage evolution during testing utilizing two ARAMIS 3D 12 M DIC systems.
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The prepared hot spots were located close to the saddle position but slightly shifted
towards the toe position of the X-joint. The corresponding black-white speckle patterns
were generated in analogy to the procedure described in Section 3.3.1 for the butt-welded
joints.

Two optical reference points were applied on each side of the brace to ensure a suitable
alignment of the ARAMIS systems as well as for orientation purposes within the
recorded images. Therefore, the first reference point was applied at the brace-sided
saddle point. The second reference point was shifted by ∆ζ = 22.5◦ towards the toe
of the X-joint, which corresponds to the position of the brace-sided evaluation path
4 used for the numerical computation of the SCFs according to the structural stress
approach as illustrated in Figure 5.1 of Section 5.2.2. The applied black-white speckle
pattern as well as the reference points are shown in Figure 3.20.

(a) White primer coating

Reference points

Sa
dd

le

(b) Black-white speckle pattern

Figure 3.20: Preparation of tubular X-joints for the ARAMIS measurement

For the remaining 3 X-joints of each test series strain measurements were performed
using strain gauge chains instead of the DIC analysis, which will be discussed in more
detail in Section 3.8.

Since the tubular X-joints investigated within this thesis are double symmetrical test
specimens, four possible fatigue-critical hot spots are given. However, only the two
hot spots on the upper brace could be monitored with the ARAMIS systems or the
strain gauge chains and therefore, the fatigue strength of the two lower hot spots was
improved by applying the Pneumatic Impact Treatment (PIT) method as shown in
Figure 3.21. By doing so, the fatigue cracks were shifted into the two monitored hot
spots of the upper braces.
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Figure 3.21: Applied post weld treatment method PIT at the chord-sided notch of the
lower brace

3.6.2 Test setup of the axial fatigue tests

The adaptation of the X-joints to the testing device was realized by a bolted ring flange
connection between the X-joints and two adapter plates as shown in Figure 3.22. The
adapter plates were clamped into the clamping chucks of the testing device, from which
the upper suspension of the hydraulic cylinder was hinged. The lower clamping chuck
was fixed. The sealing of the brace tubes required for the detection of through thickness
cracking was realized by an O-ring that was clamped between adapter plates and the
ring flanges as shown in Figure 3.23 (a).

The chord was sealed by two sealing plates made of hard PVC which were placed onto
the chord tube using an inside groove. The sealing between the sealing plate and the
chord was achieved by a silicone seal previously inserted into the groove, see Figure 3.23
(b). The contact pressure required for sealing was ensured by slightly evacuating the
chord tube up to 0.5 bar. This applied under-pressure was also used for the detection
of through thickness cracking towards the chord. The evacuation of the chord as well
as the monitoring of the internal pressure evolution during testing was again realized
via a screwed-in air valve and the aforementioned absolute pressure transducer.

To digitize the fatigue damage evolution of the tubular joints, similar to the procedure
explained in Section 3.3.2 for the butt-welded specimen, the two ARAMIS DIC systems
were fixed to the test frame and subsequently aligned on behalf of the applied two
reference points. The controlling of the two ARAMIS systems was done in analogy to
the procedure described in Section 3.3.2 utilizing the load signal of the testing device.
The results of the performed ARAMIS measurements are presented in Section 3.7.2.
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Figure 3.22: Test setup for the axial fatigue tests of the automatically welded tubular
X-joints

(a) O-ring to seal brace tubes (b) Silicon seal for chord sealing

Figure 3.23: Applied sealing systems
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3.7 Fatigue tests

3.7.1 Nomenclature

The designation of the tested X-joints coincides to the W.ID previously assigned during
the automated welding in Section 3.2.4. This ensures a complete traceability from
the welding process, the metallographic analysis, and the laser scanning of the weld
geometry to the fatigue testing and the corresponding numerical analysis of the X-joints.

3.7.2 Fatigue damage behavior

Within this section the fatigue damage behavior of the automatically welded X-joints
is exemplarily described. Since no difference in the damage behavior between the
single- and double-sided automatically welded X-joints could be determined, only the
single-sided welded X-joint W.ID 231 will be subsequently analyzed in detail.

Contrary to the optical damage recording applied during the fatigue tests of the butt-
welded plane specimen, the settings of the ARAMIS systems had to be adjusted for
application to the tubular X-joints due to the enlarged region of interest as well as the
required depth of focus. Therefore, the measuring volume was set to 110×85 mm with a
corresponding depth of focus of 16 mm resulting in a final pixel size of 0.027×0.027 mm
in the reference image. According to the manufacturer, the corresponding accuracy of
the ARAMIS systems for the used settings is at least 0.004 mm.

In order to visualize the progressive fatigue damage and hence to localize the correspond-
ing damage hot spots within the tubular X-joints, the local surface strain distribution
εx was computed in analogy to the procedure applied for the butt-welded specimen
with x being orientated in direction of the maximum principle stress as shown in
Figure 3.24 (b).

Figure 3.24 exemplarily illustrates the distribution of the surface strain εx for several
stages representing the progressive damage process of X-joint W.ID 231. For orientation,
Figure 3.24 (a) shows the X-joint geometry including the 3D DIC surface which is
located at the saddle position but slightly shifted towards the toe of the X-joint. Within
Figure 3.24 (b) the 3D reference image of the measurement is given for the unloaded
state. Besides the measured surface strain evaluation performed in this section, the
corresponding background data of this image representing the 3D weld geometry of the
hot spots are exported and further evaluated in Chapter 4.
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Figure 3.24: Exemplary fatigue damage evolution recorded at the failed hot spot of the
tubular X-joint W.ID 231
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Figure 3.24 (c) illustrates the distribution of εx representing the load cycle for technical
crack initiation N1 according to the definition given in Section 3.3.5. The corresponding
evaluation path P1 used to detect the decisive displacement gap of about 0.004 mm as
shown in Figure 3.25 is represented by the black solid line. The length of the identified
technical crack LTC is equal to 1.3 mm, and therefore within the typical range of
technical cracks lengths equal to 1− 2 mm defined by Radaj et al. (2006) and Radaj
& Vormwald (2007), see Section 2.2.1. A tabulated overview about the determined
load cycles for technical crack initiation N1 as well as the corresponding values for LTC
is given in Section 3.7.3. Appendix A summarizes all ARAMIS-based displacement
analyses performed for technical crack detection.
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Figure 3.25: Measured displacement gap due to macroscopic crack opening evaluated
along path P1 shown in Figure 3.24 (c)

Within Figure 3.24 (d) several fatigue damage induced strain hot spots can be seen
indicating various locations for crack initiations which finally merged to one large crack
as shown in Figure 3.24 (e). The occurrence of various crack initiation points and the
subsequent merging of the cracks was typical for both X-joint configurations.

Besides the illustration of the merged cracks, Figure 3.24 (e) shows the surface strain
distribution representing the second failure criterion after N = N2 load cycles according
to Section 3.5. At that stage, the propagating crack caused a stiffness degradation of
the tubular X-joint leading to increased displacements during testing as indicated by
the mean displacement data obtained from the testing device, see Figure 3.26. Within
this figure, the three periodically occurring variations, for example between N

N3
= 0.5

and 0.6, are due to temperature changes during the 24 hours period. Furthermore,
the observed stiffness degradation could be related to the corresponding DIC images,
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because at that damage level the present fatigue crack could be visually detected for
the first time within the images.
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Figure 3.26: Mean displacement evolution of the testing cylinder recorded during the
fatigue test of X-joint W.ID 231

Figure 3.24 (f) depicts the crack along the chord-sided notch after N3 = 1.67 · 106 load
cycles for which through thickness cracking towards the chord was detected by observing
a pressure equalization within the chord as shown in Figure 3.27. The corresponding
ARAMIS measurement was already aborted at that stage due to the damaged black-
white speckle pattern.

0.2 0.4 0.6 0.8 1 1.2 1.4 1.6 1.8 2
N [-]

−0.7

−0.6

−0.5

−0.4

−0.3

−0.2

−0.1

0

Pr
es
su
re

[b
ar
]

106

N3 = 1.67 · 106

Figure 3.27: Equalizing pressure due to through thickness cracking through the chord
for X-joint W.ID 231
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The crack path for N3 along the chord-sided notch is additionally shown in Figure 3.28,
whereby the crack is highlighted with a white marker. The crack propagates along the
chord-sided notch in direction of the two crown points of the X-joint. Additionally, two
bifurcation points can be seen, from which further cracks grew in axial direction of the
chord. These bifurcation points were observed in several fatigue tests, however, they
did not occur in all tests and a regularity could not be determined.

Crack

Crack

10 mm 10 mm

Figure 3.28: Crack path after through thickness cracking (N3) of X-joint W.ID 231

Attention must be paid in Figure 3.24 to the fact that no fatigue damage was detected
within the brace-sided notch. This also applies to the other X-joints monitored with
the ARAMIS systems regardless of the weld configuration. No load transfer due to
propagating cracks could be detected within the X-joints either.
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3.7.3 Fatigue test results

The test results obtained in accordance with the defined failure criteria N1 to N3 of the
single- and double-sided welded X-joints are summarized in Tables 3.4 and 3.5. The
applied loading expressed as axial forces Fax as well as corresponding nominal stress
ranges ∆σN are given as well.

Table 3.4: Fatigue test results for the single-sided automatically welded X-joints

W.ID Fax,u Fax,o ∆σN N1 LTC N2 N3

[kN] [kN] [N/mm2] [-] [mm] [-] [-]
163 39.0 390 60.3 56,040 1.16 157,740 292,875
164 39.0 390 60.3 −b) −b) 162,485 273,838
242 39.0 390 60.3 85,000 1.41 181,598 347,170
230 39.0 390 60.3 96,000 1.43 220,001 348,351
239 39.0 390 60.3 −b) −b) 180,579 279,124
236a) 39.0 390 60.3 −a) −a) 172,500 420,333
251 36.0 360 55.7 75,600 1.39 296,101 578,645
247a) 32.0 320 49.5 −a) −a) 444,900 719,140
170 27.8 278 43.0 84,997 1.90 454,002 891,941
169 26.7 267 41.3 192,135 1.17 930,286 1,418,377
231 26.7 267 41.3 371,155 1.30 1,173,006 1,667,581
229 26.7 267 41.3 230,992 1.10 1,011,985 1,307,428
234 26.7 267 41.3 275,995 1.10 1,098,597 1,804,265
249 26.7 267 41.3 281,215 0.62 1,455,200 2,126,298
250a) 26.7 267 41.3 −a) −a) −a),b) 1,718,073
248 25.5 255 39.4 247,495 1.66 1,864,973 2,530,609

a) Applied strain gauge chains
b) Invalid measurement
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Table 3.5: Fatigue test results for the double-sided automatically welded X-joints

W.ID Fax,u Fax,o ∆σN N1 LTC N2 N3

[kN] [kN] [N/mm2] [-] [mm] [-] [-]
257 39.0 390 60.3 62,200 1.32 171,801 299,191
256 39.0 390 60.3 73,000 1.15 167,797 267,357
307 39.0 390 60.3 72,200 1.29 196,595 307,664
317 39.0 390 60.3 53,600 1.46 176,398 309,507
316 39.0 390 60.3 42,400 0.94 132,398 233,252
314a) 39.0 390 60.3 −a) −a) 116,600 230,558
264 36.0 360 55.7 101,100 0.89 460,493 682,491
315a) 32.0 320 49.5 −a) −a) 437,300 575,446
318 27.8 278 43.0 191,995 1.16 −b) 1,029,633
255 26.7 267 41.3 354,995 1.27 1,499,001 2,134,660
262 26.7 267 41.3 365,000 0.90 1834,003 2,399,108
258 26.7 267 41.3 282,990 0.88 950,986 1,238,003
301 26.7 267 41.3 185,000 1.58 842,003 1,117,436
265 26.7 267 41.3 130,000 1.24 1,031,006 1,908,881
302a) 26.7 267 41.3 −a) −a) −a),b) 875,945
254 25.5 255 39.4 222,495 1.00 1,362,479 1,736,902

a) Applied strain gauge chains
b) Invalid measurement

Figure 3.29 exemplarily shows the circumferential length and position of the resulting
fatigue cracks of four single- and four double-sided welded X-joints, whose tests were
stopped directly after through thickness cracking was detected. The given positions
and lengths of the cracks are representative of all performed tests from both test series.
Although all four cracks shown in Figure 3.29 (a) randomly initiated on the ζ = 270◦

side of the single-sided welded X-joints, no regularity could be identified for this because,
when considering the outcomes of all 16 fatigue tests, the cracked hot spot of the
X-joints varied between both sides. The same is true for the double-sided welded
X-joints indicating a high degree of symmetry of the local weld geometry, which is
further addressed in Chapter 4.

Furthermore, it can be seen in Figure 3.29 that the magnitude of the applied loading had
no significant effect on the position and length of the fatigue cracks for either X-joint
configurations. This is also true for the other fatigue tests not shown in Figure 3.29.
Comparing the outcomes of Figure 3.29 (a) and (b) no impact of the additional inner
root welding on the location and length of the resulting cracks can also be seen.
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Figure 3.29: Length and position of fatigue cracks for through thickness cracking failure

With respect to the orbital coordinate ζ, the corresponding hot spot at which the
fatigue induced crack initiated, for example the highlighted hot spot in Figure 3.24 (c)
of X-joint W.ID 231, is typically located aside of the saddle position at approximately
ζ = 100◦ or ζ = 260◦, respectively. The fatigue prone hot spots are called HS 100◦ and
HS 260◦ in the following.

Besides the crack propagation along the surface, also the crack path through the chord
was similar between both X-joint variants and independent on the failed side of the
X-joints as shown in Figure 3.30. Moreover, for the tested automatically welded X-joints
combined with the applied axial load case the weld root was not fatigue critical and all
32 tested X-joints failed from the outside with crack initiation in the chord-sided notch
and crack propagation towards the chord.

Comparable to the well-known positive effect of the needle peening method on the
fatigue resistance of manually welded tubular joints (see Mangerig & Romen (2009),
Kuhlmann et al. (2014) and Zilli et al. (2019)), the outcomes of the performed fatigue
tests indicate without quantification that the fatigue resistance of the automatically
welded tubular joints can also be improved by applying the needle peening method as
none of the tested automatically welded tubular X-joints failed within the lower fatigue
improved hot spots.
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Figure 3.30: Comparison of crack paths through the chord for both X-joint variants
and saddle positions according to Schürmann et al. (2020)

3.7.4 Statistical evaluation considering structural stresses

According to the current offshore standards, welded tubular steel joints for offshore
foundation structures are dimensioned for through thickness cracking (N3) utilizing the
SSA. Therefore, the statistical evaluation of the fatigue tests is carried out on behalf of
structural stresses. According to Equation (2.20) of Section 2.3.2, the required structural
stress ranges ∆σS are based on the decisive SCF values obtained for the fatigue-critical
chord-sided notch as given in Table 3.6 and the applied nominal stress ranges ∆σN
summarized in Tables 3.4 and 3.5. The SCF values were determined numerically in
Section 5.3 in accordance with the requirements of the DNVGL-RP-C203 (2019) using
finite element simulations as explained in Section 5.2.2, taking into account an idealized
weld geometry based on the laser scanning data.

The statistical evaluation of the fatigue tests in scope of this thesis is based on two
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Table 3.6: Considered SCF values for both X-joint configurations

W/o inner weld W/ inner weld
SCF [-] 4.36 4.41

different evaluation methods. On the one hand, the tests were statistically evaluated
for a probability of survival (PS) of 97.7 % as recommended by Hobbacher (2016)
and the DNVGL-RP-C203 (2019), assuming log-normal distributed test results, see
Equation (3.2). The corresponding number n of fatigue tests carried out was considered
using the factor c(n) specified in the DNVGL-RP-C203 (2019) recommendation.

∆σC,97.7 % = ∆σC,50.0 % − c(n) · sσ (3.2)

Here, ∆σC,97.7 % represents the characteristic value of the S-N curve including a survival
probability of 97.7 %, ∆σC,50.0 % is the mean S-N curve and sσ represents the standard
deviation in load direction.

On the other hand, the test evaluation was carried out in analogy to Kuhlmann et al.
(2014) and Kuhlmann et al. (2020) on behalf of the procedure given in the background
documentation 9.01 of the Eurocode 3 (DIN EN 1993-1-9 (2010)) fatigue design rules,
see ECCS Technical Committee 6 (2018), assuming a Student’s t-distribution of the
test results. In contrast to the log-normal distribution, this procedure provides more
conservative results for smaller test series. However, for larger test series the results are
converging. The statistical evaluation of the test results based on this second procedure
was also carried out for a survival probability of 97.7 %. A detailed description of the
application of this method is given in Kuhlmann et al. (2014). The endurance limit is
set in analogy to the current offshore standards to ND = 1 · 107 load cycles for all S-N
curves subsequently shown within this thesis.

For the computation of the S-N curves according to the SSA a total of n = 32 data
sets (c(n = 32) = 2.118) have been analyzed for the combined statistical evaluation of
both test series. Furthermore, separate evaluations were carried out for each test series
based on the n = 16 test results (c(n = 16) = 2.166).

Figure 3.31 illustrates the obtained fatigue test results of both X-joint configurations for
through thickness cracking towards the chord with respect to the fatigue decisive wall
thickness t = 20 mm as well as the combined statistical evaluation. Besides, S-N curves
are computed for a separate evaluation of both test series, where the S-N curve plotted
in red corresponds to the single-sided welded X-joints and the blue line represents the
double-sided welded X-joints. The corresponding statistical outcomes are summarized
in Table 3.7.
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Figure 3.31: Fatigue test result evaluation for the automatically welded tubular X-
joints considering through thickness cracking (N3) related to the actual wall thickness
t = 20 mm

Table 3.7: Statistical evaluation of the fatigue test results shown in Figure 3.31 consid-
ering through thickness cracking (N3)

W/o inner weld W/ inner weld Combined
DNVGL Doc.9.01 DNVGL Doc.9.01 DNVGL Doc.9.01

∆σC,97.7 % 125 122 116 111 121 120
[N/mm2]
sN [-] 0.132 0.164 0.147
sσ [N/mm2] 0.044 0.055 0.049
TN [-] 1 : 3.72 1 : 4.37 1 : 5.13 1 : 6.50 1 : 4.21 1 : 4.50
Tσ [-] 1 : 1.55 1 : 1.64 1 : 1.72 1 : 1.87 1 : 1.61 1 : 1.65

The test results from both test series shown in Figure 3.31 are located within an almost
identical scatter band, justifying a combined evaluation. Furthermore, the structural
stress approach to be applied for tubular joints allows a combined evaluation of both test
series if the respective geometry variations are taken into account during the numerical
calculation of the decisive SCFs, as for the values shown in Table 3.6.
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The statistical evaluation according to the procedure proposed by the DNVGL-RP-C203
(2019) recommendation results in an S-N curve with a characteristic fatigue strength
of ∆σC,DNV GL = 121 N/mm2. The evaluation based on the background document 9.01
according to ECCS Technical Committee 6 (2018) results in an almost identical S-N
curve with ∆σC,Doc.9.01 = 120 N/mm2. The standard deviations of the 32 test results are
equal to sN = 0.147 and sσ = 0.049 N/mm2. These values are comparable to the empirical
values Haibach (2006) specifies for uniform manufacturing conditions (sN = 0.155 and
sσ = 0.045 N/mm2 for m1 = 3.5), which are true for the automated fabrication of the
X-joints. The variable inverse slope of the S-N curve is equal tom1 = 4.3 and is therefore
flatter than the inverse slope of m1 = 3 typically assumed for S-N curves of welded steel
joints, which is a typical behavior for uniformly and automatically produced welded
joints, see Haibach (2006).

A separate evaluation of both test series results in a slightly lower fatigue strength for
the double-sided welded X-joints based on both evaluation methods as summarized in
Table 3.7, however the scatter bands are almost identical and statistical significance
is therefore limited. The divergence between both test series can be attributed to a
larger scattering for the double-sided welded X-joints, since the mean values of both test
series are almost identical considering a variable slope m1 with ∆σC,50,w/o = 171 N/mm2

(m1 = 4.2) for the single-sided welded X-joints and ∆σC,50,w/ = 169 N/mm2 (m1 = 4.3)
for the double-sided welded joints. Moreover, it can be observed that the outcomes of
the applied statistical evaluation methods are slightly differing due to the comparable
low number of only n = 16 data sets per test series. Due to this relatively low number
of data sets, a reliable conclusion about the influence of an inner root layer on the
scatter and the resulting fatigue strength is not possible at this point. Therefore, further
fatigue tests on single- and double-sided automatically welded tubular joints subjected
to various loading conditions are required.

Besides the combined evaluation considering the actual wall thickness of t = 20 mm, the
results of both test series were also evaluated in relation to the reference wall thickness
tref = 16 mm. The size effect was on the one hand included according to the procedure
proposed by the current offshore standards applying Equation (2.17). On the other
hand, the size effect was included according to the mathematical formulation proposed
by van Wingerde et al. (1997) which was further developed by Kuhlmann et al. (2020)
as given in Equation (2.19). The corresponding outcomes are listed in Table 3.8.
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Table 3.8: Statistical evaluation of the fatigue test results of both X-joint configurations
considering through thickness cracking (N3) and tref = 16 mm

Size effect acc. to Size effect acc. to
Equation (2.17) Equation (2.19)

DNVGL Doc.9.01 DNVGL Doc.9.01
∆σC,97.7 % 128 127 130 129
[N/mm2]
sN [-] 0.147 0.153
sσ [N/mm2] 0.049 0.051
TN [-] 1 : 4.21 1 : 4.50 1 : 4.44 1 : 4.77
Tσ [-] 1 : 1.61 1 : 1.65 1 : 1.64 1 : 1.68

As expected, the reduction of the reference wall thickness to tref = 16 mm results
in enlarged characteristic fatigue strengths for the tested X-joints ranging between
∆σC,Doc.9.01 = 127 N/mm2 and ∆σC,DNV GL = 130 N/mm2. The consideration of the size
effect based on the novel approach according to Equation (2.19) results in slightly higher
fatigue strengths compared to the state of the art procedure given in Equation (2.17)
as defined in the current offshore standards. Furthermore, the load cycle dependency of
the size effect formulation according to Equation (2.19) is well reflected by the slightly
enlarged standard deviations in Table 3.8.

As already mentioned in Section 2.4, apart from the 32 tests presented in this thesis,
robot-welded tubular joints have so far only been tested regarding fatigue within the
JABACO project (9 tests), see Zilli et al. (2019). A joint evaluation of the test results
based on in total n = 41 data sets (c(n = 41) = 2.109) related to the reference wall
thickness tref = 16 mm is shown in Figure 3.32, whereas Table 3.9 summarizes the
statistical results considering both size effect formulations.

Although the fatigue tests performed by Zilli et al. (2019) were based on different tubular
joint geometries and dimensions including multilayer welds as well as varying loads
cases (see Section 2.4), the test results are well located within the scatter band of the
X-joints tested in scope of this thesis. It should also be noted that the 9 robot-welded
X-joints tested by Zilli et al. (2019) have been manufactured industrially and therefore,
the overlapping fatigue test results indicate a similar fabrication quality in terms of
fatigue strength compared to the X-joints welded at the BAM. However, in order to
statistically verify this trend further tests on industrially robot-welded tubular joints
are required.
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Figure 3.32: Combined fatigue test result evaluation of automatically welded tubular
joints including the fatigue test data published by Zilli et al. (2019)

Table 3.9: Statistical evaluation of the fatigue test results shown in Figure 3.32 on
automatically welded tubular joints considering through thickness cracking (N3) and
tref = 16 mm

Size effect acc. to Size effect acc. to
Equation (2.17) Equation (2.19)

DNVGL Doc.9.01 DNVGL Doc.9.01
∆σC,97.7 % 122 121 124 124
[N/mm2]
sN [-] 0.167 0.167
sσ [N/mm2] 0.056 0.056
TN [-] 1 : 5.08 1 : 5.23 1 : 5.07 1 : 5.23
Tσ [-] 1 : 1.72 1 : 1.74 1 : 1.72 1 : 1.74

For the joint statistical evaluation fatigue strengths between ∆σC,Doc.9.01 = 121 N/mm2

and ∆σC,DNV GL = 124 N/mm2 were obtained as summarized in Table 3.9 depending on
the statistical evaluation method and size effect formulation. The associated standard
deviations are only slightly increased to sN = 0.167 and sσ = 0.056 N/mm2 compared to
the evaluation given in Table 3.8 and are still well below the reference value of sN = 0.2
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specified in the DNVGL-RP-C203 (2019) recommendation for manually welded tubular
joints.

A comparison of the fatigue strength calculated for the automatically welded tubular
joints with the corresponding values of manually welded tubular joints is illustrated in
Figure 3.33, where all data sets are related to tref = 16 mm.
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Figure 3.33: Comparison of the fatigue test results for the automatically welded tubular
joints with literature data for manually welded tubular joints

In addition to the background data of the current offshore design S-N curve FAT 114
provided within the OTH 92 390 (1999) report, this figure also includes the test results
on the thick-walled manually welded tubular joints shown in Figure 2.12 of Section 2.3.2.
Further to this, the previously determined S-N curve for automatically welded tubular
joints with ∆σC,DNV GL = 122 N/mm2 as well as the current design S-N curve FAT 114
according to the offshore standards are plotted. The novel and converted to 97.7 %
survival probability FAT 92 S-N curve proposed by Kuhlmann et al. (2020) is shown
as well. The S-N curve with ∆σC,DNV GL = 93 N/mm2 determined for the thick-walled
manually welded tubular joints in Section 2.3.2 is not included in Figure 3.33 for reasons
of clarity.

As clearly indicated in Figure 3.33 the fatigue test results of the automatically welded
tubular joints are located in the upper part of the point cloud and above of most

100



3.7 Fatigue tests

results recently obtained for the thick-walled manually welded tubular joints. Related
to the data sets provided by the OTH 92 390 (1999) report the fatigue test results
of the automatically welded tubular joints are covering the upper half of the point
cloud as well. This behavior is well represented by the corresponding S-N curves, since
the deviation between the obtained S-N curve for the automatically welded tubular
joints and the FAT 114 S-N curve is equal to 8.1 % for 2 · 106 load cycles whereas the
improvement compared to the FAT 92 S-N curve is equal to 25.8 %. Compared to
the recently tested, manually welded tubular joints, the automatically welded tubular
joints exhibit a significantly increased fatigue strength, whereas the improvement of the
fatigue resistance is only moderate compared to the current design S-N curve. Possible
reasons for the differences between both S-N curves for the manually welded tubular
joints are addressed in Section 2.3.2 in detail.

Considering the scatter between the fatigue test results of the manually and the
automatically welded tubular joints, a larger difference can also be seen. As summarized
in Table 3.9, the standard deviation of the automatically welded tubular joints is equal
to sN = 0.167 and sσ = 0.056 N/mm2, whereas the statistical evaluation of the manually
welded thick-walled tubular joints results in increased standard deviations equal to
sN = 0.237 and sσ = 0.079 N/mm2 as given in Table 2.4 of Section 2.3.2. The statistical
evaluation of the literature-based data sets conducted by Kuhlmann et al. (2020) to
propose the novel FAT 92 S-N curve resulted in standard deviations of sN = 0.283 and
sσ = 0.094 N/mm2.

The reasons for these differences can be seen on the one hand in the automatically welding
procedure resulting in a very uniform and highly reproducible weld which is further
addressed in Section 4.6.8. On the other hand, the fatigue tests of the automatically
welded tubular joints statistically evaluated within this thesis were performed within
only two research projects by four research facilities in total. Therefore, fatigue tests
on automatically welded tubular joints considering various types of joints, dimensions
and loading conditions must be performed within several testing facilities to obtain a
broader data base with more representative results.

Statistical evaluation considering first stiffness degradation

Besides the S-N curves for through thickness cracking, the statistical evaluation of
the fatigue test results considering the first stiffness degradation failure criterion N2 is
carried out on behalf of structural stress ranges ∆σS as well. The SCFs required for
this evaluation have already been listed in Table 3.6.

The statistical evaluation of the fatigue test results considering the first stiffness
degradation was based on n = 29 data sets as summarized in Tables 3.4 and 3.5
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resulting in c(n = 29) = 2.123 for the application of the statistical evaluation procedure
according to Equation (3.2). The structural stress based S-N chart including the 29
fatigue test results as well as both determined S-N curves with ∆σC,DNV GL = 97 N/mm2

and ∆σC,Doc.9.01 = 93 N/mm2 valid for a wall thickness of t = 20 mm and m1 = 3 is
shown in Figure 3.34. The corresponding standard deviations and scatter ranges are
summarized in Table 3.10.
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Figure 3.34: Fatigue test result evaluation for the automatically welded tubular X-joints
considering first stiffness degradation (N2)

Table 3.10: Statistical evaluation of the fatigue test results shown in Figure 3.34
considering first stiffness degradation (N2)

DNVGL Doc.9.01
∆σC,97.7 % 97 93
[N/mm2]
sN [-] 0.190
sσ [N/mm2] 0.063
TN [-] 1 : 6.38 1 : 7.99
Tσ [-] 1 : 1.86 1 : 2.00

As shown in Figure 3.34, the evaluation of the fatigue test results considering N2 results
in a significantly flatter mean regression curve with an inverse slope equal to m1 = 4.9.
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Keeping in mind the identical applied axial loads, no significant effect of the inner root
layer on the fatigue strength considering N2 can be observed, since the test results of
both X-joint configurations are located within almost the same scatter band.

In comparison to the previously performed statistical evaluations, a slightly increased
scattering and thus enlarged scatter bands are computed. The obtained values corre-
spond well to the empirical values Haibach (2006) states for mild steel joints welded
under normal production conditions (sN = 0.186 and sσ = 0.063 N/mm2 for m1 = 3).

3.7.5 Statistical evaluation considering effective notch stresses

The statistical evaluation of the fatigue strength according to the NSA considering
the obtained number of load cycles N3 for through thickness cracking was performed
on behalf of fatigue effective notch stress ranges ∆σf obtained by multiplying the
applied nominal stress range ∆σN with the corresponding fatigue notch factor Kf , see
Equation (2.3) of Section 2.3.3. The required values of Kf given in Table 3.11 were
computed numerically by using finite element simulations for both X-joint configurations
considering idealized weld geometries. The geometry of the idealized welds was based
on the profiles obtained from the laser scanning after welding. The numerical modeling
process was performed in accordance with Figure 2.13 in Section 2.3.3 considering the
fictitious notch radius ρf = 1 mm and linear elastic material behavior. The numerical
modeling process and computation of Kf is explained in Sections 5.2 and 5.4 in detail.

Table 3.11: Considered fatigue notch factor Kf

W/o inner weld W/ inner weld
Kf [-] 12.55 12.56

The applied evaluation procedures are equivalent to the two methods previously de-
scribed in Section 3.7.4. Also for the here performed statistical evaluation in accordance
with the NSA, a total of nN3 = 32 data sets (c(nN3) = 2.118) have been analyzed for
through thickness cracking.

In addition, the statistical evaluation was performed with respect to technical crack
initiation N1, as experimental investigations on tubular joints performed by Sonsino
(2012) indicated, that the FAT 225 S-N curve may be also valid for an initial detectable
crack. As shown in Tables 3.4 and 3.5, values of N1 were successfully determined for
in total 24 fatigue tests. However, the fatigue test result of X-joint W.ID 170 was
neglected afterwards as it was identified as an outlier using the outlier test according to
Grubbs (1969), see also Mauch & Zenner (1999). Therefore, in total nN1 = 23 fatigue
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test results were available for the statistical evaluation regarding the failure criterion
N1, which results in c(nN1 = 23) = 2.141 for Equation (3.2).

Figure 3.35 shows the resulting S-N chart including the fatigue test results for technical
crack detection N1 and through thickness cracking N3 as well as the corresponding
97.7 % S-N curves according to the procedure proposed by the DNVGL-RP-C203 (2019).
The current design S-N curve FAT 225 is also included. The S-N curves according to
the background documentation 9.01 of the Eurocode 3 fatigue design rules, as well as
the mean value S-N curves, have not been illustrated in the diagram for reasons of
clarity. A summary of the determined S-N curves as well as the corresponding standard
deviations and scatter ranges is given in Table 3.12.
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Figure 3.35: Fatigue test result evaluation according to the NSA considering technical
crack initiation (N1) and through thickness cracking (N3)

The performed statistical evaluation of the fatigue tests considering N3, represented
by the filled triangles in Figure 3.35, resulted in S-N curves with characteristic fatigue
strengths of ∆σC,DNV GL,N3 = 348 N/mm2 and ∆σC,Doc.9.01,N3 = 344 N/mm2, respectively.
Considering the technical crack as failure criterion, which is represented by the blank
triangles in Figure 3.35, the computed S-N curves according to both evaluation methods
are equal to ∆σC,DNV GL,N1 = 209 N/mm2 and ∆σC,Doc.9.01,N1 = 193 N/mm2. The larger
differences especially for N1 between the outcomes of both evaluation methods are based
on the comparatively small data base, combined with the varying statistical distribution
functions. Furthermore, no effect of the inner weld seam on the determined fatigue
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Table 3.12: Statistical evaluation of the fatigue test results shown in Figure 3.35
considering technical crack detection (N1) and through thickness cracking (N3)

Failure criterion N1 Failure criterion N3

DNVGL Doc.9.01 DNVGL Doc.9.01
∆σC,97.7 % 209 193 348 344
[N/mm2]
sN [-] 0.114 0.148
sσ [N/mm2] 0.038 0.049
TN [-] 1 : 3.09 1 : 4.96 1 : 4.25 1 : 4.55
Tσ [-] 1 : 1.46 1 : 1.71 1 : 1.62 1 : 1.66

resistance according to NSA can be seen, since the test results obtained for both X-joint
configurations are located within overlapping scatter bands, although the corresponding
Kf values were almost identical. This applies to both failure criteria. The standard
deviations are again slightly lower than the values given by Haibach (2006) for uniform
fabrication conditions.

As illustrated in Figure 3.35, all obtained fatigue test results for through thickness
cracking are well located on the safe side of the specified FAT 225 design S-N curve.
However, similar to the outcomes of Sonsino (2012), all data sets except one considering
technical crack detection are also located slightly above the FAT 225 design S-N curve.
Therefore, Figure 3.35 clearly shows that, even though the fatigue test results for N3

are on the safe side, almost the entire crack propagation phase of the robot-welded
tubular joints between the technical crack initiation and through thickness cracking is
not considered within the FAT 225 design S-N curve.

Considering the variable slopes m1 of the mean value S-N curves of both failure criteria
with m1,N1 = 3.56 and m1,N3 = 4.27, an almost load-independent crack propagation
phase can be observed, which stands, for example, in contrast to the butt-welded
specimens investigated by Collmann (2021). For the investigated robot-welded tubular
X-joints, this crack propagation phase covers in average 81 % of the fatigue life until
through thickness cracking occurred.

According to Sonsino et al. (2012), the FAT 225 S-N curve was determined on behalf of
numerous fatigue tests on various welded steel joints, whereby no tubular joints were
included within these test series. For this reason, the extensive crack propagation phase,
typical for tubular joints, is not implicitly included in the FAT 225 S-N curve. Moreover,
the crack propagation phase cannot be considered on the load side via the elastic fatigue
notch factor Kf . Separate fracture mechanics considerations are necessary for this
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purpose. Therefore, the FAT 225 S-N curve significantly underestimates the durability
for through thickness cracking of the robot-welded tubular X-joints.

To enable not only a safe but an economical fatigue assessment of robot-welded tubular
joints using the NSA, design S-N curves are required, which, on the one hand, consider
the additional durability resulting from the extensive crack propagation phase. One
example is given by the determined S-N curve with a characteristic fatigue strength of
∆σC,DNV GL,N3 = 348 N/mm2 valid for the tubular X-joints investigated in this thesis. To
obtain a generally valid S-N curve for automatically welded tubular joints, additional
fatigue tests on various types of tubular joints including different sizes and loading
conditions are required to account for possible impacts on the crack propagation phase.
However, this would defeat the idea of a structure independent approach considering
one global design S-N curve.

On the other hand, the approach could be related to the technical crack as failure
criterion to exclude the effect of the crack propagation phase. The structural impact
on the fatigue life until crack initiation can still be considered on the load side by a
detailed numerical computation of the fatigue notch factor Kf . Again, this requires a
large number of further fatigue tests on various welded joints including tubular joints to
determine one global S-N curve, if possible, which is valid for technical crack initiation.
However, as shown in Section 3.3, this is feasible from the experimental perspective
by now due to the ongoing developments of the existing measurement systems. With
regard to tubular joints, the additional durability resulting from the crack propagation
phase can in this case be considered by further fracture mechanics computations.

3.8 Strain gauge measurements

Besides the optical measurements using the ARAMIS DIC systems, strain gauge chains
were applied to in total three X-joints per test series (see Tables 3.4 and 3.5) to verify
the numerical models created in Section 5.2 and to determine possible systematic
production errors occurred during the welding process of the X-joints as well as within
the test setup. For this purpose, the corresponding test specimens were statically loaded
prior to the cyclic testing considering the maximum fatigue test load Fax,o in order to
determine the strain distribution in direction of the maximum principle stresses at the
saddle positions.

3.8.1 Positioning of strain gauge chains

For the strain gauge measurements, a total of four strain gauge chains were applied
to each of the six X-joints with one strain gauge chain per saddle point for chord and
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brace, respectively. Each strain gauge chain consisted of 11 individual strain gauges
interconnected as quarter bridges. This resulted in a total of 44 individual strain gauge
measuring points per X-joint. Figure 3.36 exemplarily illustrates the applied strain
gauge chains for the ζ = 270◦ saddle position of X-joint W.ID 250.

Figure 3.36: Positioning of the strain gauge chains at the ζ = 270◦ saddle position of
X-joint W.ID 250

As shown in Figure 3.36, the strain gauge chains on the chord were aligned perpendicular
to the weld seam. The strain gauge chains on the brace were applied in axial direction
corresponding to the direction of the maximum principal stress. The positioning of the
strain gauge chains in relation to the weld as well as the partition of the strain gauges
within the chains is given in Appendix B.1 and also shown in Figure 3.37 for brace and
chord.

The distances ∆xNotch of the first strain gauges to the weld toes varied between
∆xNotch = 3.6 and 5.7 mm for the brace and ∆xNotch = 1.6 and 4.0 mm for the chord.
A detailed list of the exact positioning of the individual strain gauge chains is given
Appendix B.1.
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Weld

∆x1 = ∆xNotch

∆x2−10 = 2 mm

∆x11 = 7 mm

(a) Brace

Weld

∆x1 = ∆xNotch

∆x2−10 = 2 mm

∆x11 = 7 mm

(b) Chord

Figure 3.37: Partition of the applied strain gauge chains for brace and chord

3.8.2 Measured strain values

The measured strain values ε of both saddle positions for brace and chord, respectively,
are shown in Figure 3.38 for the single-sided welded X-joints and in Figure 3.39 for
the double-sided welded joints. For clearer comparability, the strain values have been
standardized to an applied nominal stress of σN = 1 N/mm2 within the braces. In
addition, a detailed list of all measured values is given in Appendix B.1.

It can be seen that the measured values for the ζ = 90◦ and ζ = 270◦ saddle points of
the single-sided welded X-joints are in good agreement especially keeping in mind the
large geometrical variations within the brace tubes shown in Figure 3.2. Also for the
double-sided welded X-joints, no significant difference between the measured values of
both saddle positions could be determined. It was only for the X-joint W.ID 314 that
slightly larger deviations between the individual measurements compared to the other
two X-joints can be seen. In general, the measured strains of the respective saddle
points of both X-joint variants are in good agreement, accounting for the geometric
tolerances which indicates the realized high degree of symmetry during the production
and within the test setup.
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Figure 3.38: Strain gauge chain data for brace and chord of the single-sided automatically
welded X-Joints
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Figure 3.39: Strain gauge chain data for brace and chord of the double-sided automati-
cally welded X-Joints
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3.8.3 Reproducibility of test setup

To exclude systematic errors occurred during the robot-welding process and within
the test setup, the measured strain values per X-joint were compared relatively in
Table 3.13.

Table 3.13: Relative comparison between the strain values ε90◦ and ε270◦ measured at
both saddle positions

X-joint Brace Chord
ε90◦ versus ε270◦ ε90◦ versus ε270◦

W.ID 236 ε90◦ ≥ ε270◦ ε90◦ ≈ ε270◦

W.ID 247 ε90◦ > ε270◦ ε90◦ > ε270◦

W.ID 250 ε90◦ ≈ ε270◦ ε90◦ < ε270◦

W.ID 302 ε90◦ < ε270◦ ε90◦ > ε270◦

W.ID 314 ε90◦ < ε270◦ ε90◦ < ε270◦

W.ID 315 ε90◦ ≤ ε270◦ ε90◦ > ε270◦

In this relative comparison of the measured values no systematics can be identified
between the ratios of the respective measured values which excludes a systematic error.
The differences between the measured values of the strain gauge chain pairs per X-joint
shown in Figures 3.38 and 3.39 can thus be assigned to the large geometrical scattering
of the tubes used as well as the unavoidable, random scatter during the automated
welding process, during the manual adaptation of the ring flanges and during the
installation of the X-joint. In addition to the automated production of the X-joints, a
high degree of reproducibility without systematic errors is also given for the manual
adaptation of the ring flanges as well as the test setup.

3.8.4 Effect of inside welding on measured strains

Figure 3.40 compares the measured strains of the single-sided welded X-joints with the
corresponding values of the double-sided welded tubular joints. The measured values of
both saddle positions were therefore averaged for each X-joint.

As indicated in Figure 3.40, almost identical strain curves were measured for brace and
chord of both X-joint configurations which on the one hand confirms again the high
reproducibility of the manufacturing and testing processes. On the other hand, the
similar strain values confirm the findings of only slight effects due to the inner welding
previously obtained during the analysis of the fatigue tests, wherein slightly higher
strains were determined for the double-sided welded X-joints on the chord side.
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Figure 3.40: Comparison of the measured strain evolution towards the weld toes between
the single- and double-sided automatically welded X-joints

3.8.5 Strain concentrations factors

In addition to the direct comparison of the measured strains between the individual test
specimens to validate the reproducibility of the test setup, strain concentration factors
(SNCF) were determined based on the results of the strain gauge chain measurements.
For this purpose, fictitious structural strains εS were determined at the weld toes in
analogy to the procedure given by the DNVGL-RP-C203 (2019) for determining the
structural stress σS using a linear extrapolation considering the two reference points, A
and B, as shown in Figure 2.8 of Section 2.3.2. Therefore, the results of the strain gauge
chains were approximated by higher order polynomials - fourth order polynomials for
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the braces and sixth order polynomials for the chord. Figure 3.41 shows the performed
extrapolations as an example for a single- and a double-sided welded X-joint. The
extrapolations of the four X-joints not shown here are given in Appendix B.2.
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(a) W/o inner weld - W.ID 250
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Figure 3.41: Exemplary linear extrapolation of the structural strain εS

Based on the fictitious structural strains εS, SNCFs were calculated in comparison
to the procedure for determining SCFs (see Equation (2.20) of Section 2.3.2), taking
Equations (3.3) and (3.4) into account.

SNCF = εS
εN

(3.3)

with

εN = σN
E

, (3.4)
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whereby E denotes the Young’s modulus and was set to E = 210, 000 N/mm2.

The linearly extrapolated structural strains εS and the corresponding SNCF values are
summarized in Table 3.14 for the single-sided welded X-joints and in Table 3.15 for the
double-sided welded variation.

Table 3.14: SNCF values for the three single-sided automatically welded X-joints

X-joint Brace Chord
εS [µm/m] SNCF [-] εS [µm/m] SNCF [-]

W.ID 236 17.03 3.58 15.47 3.25
W.ID 247 16.76 3.52 16.39 3.44
W.ID 250 16.77 3.52 15.51 3.26

Table 3.15: SNCF values for the three double-sided automatically welded X-joints

X-joint Brace Chord
εS [µm/m] SNCF [-] εS [µm/m] SNCF [-]

W.ID 302 17.19 3.61 18.36 3.86
W.ID 314 14.55 3.06 17.45 3.66
W.ID 315 17.62 3.70 17.63 3.70

Analyzing the computed SNCFs for the single-sided welded X-joints, it is worth noting
that larger values are obtained for the brace than for the chord, although all tested
X-joints failed in the chord-sided notch. The reason for this is a local, bending induced
stress and thus strain increase in proximity of the notch which cannot be taken into
account by the extrapolation points due to their location. This topic is dealt with in
detail in Section 5.5.

The SNCFs of the double-sided automatically welded X-joints behave somewhat different
with respect to the ratio between the chord and brace values, see Table 3.15. Contrary
to the single-sided welded X-joints, the double-sided welded variants show slightly
larger or equally large SNCFs values for the chord compared to the values of the brace
due to the stiffening effect of the inner weld. However, when evaluating these SNCF
values it must be considered that some strain gauge results in proximity of the notches
(the chord-sided notch of W.ID 302 and the brace-sided notch of W.ID 314) scatter
significantly, which has a great impact on the values of the SNCFs due to the location
of the extrapolation point A in this area. These scattering values could also not be
clearly identified as measurement errors.
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3.9 Fatigue damage induced stiffness degradation

The SNCF values of the double-sided welded X-joints are somewhat larger compared
to the values of the single-sided welded variants. This behavior fits well with the
comparison of the measured strain values illustrated in Figure 3.40, in which the
measured strains close to the chord-sided notch of the double-sided welded X-joints are
slightly increased compared to the values of the single-sided welded joints.

Furthermore, the computation of the SNCF values for both X-joint configurations
confirms the results obtained by Mangerig & Romen (2009) indicating that tubular X-
joints experience larger fatigue loads then K- and DK-joints. For example, the computed
SNCFs for both X-joint variations were significantly increased when compared to the
values of the axially loaded K-joints tested by Kuhlmann et al. (2014) which were in
the range of SNCF ≈ 1.5.

3.9 Fatigue damage induced stiffness degradation

In addition to the performed fatigue tests, the fatigue damage induced stiffness degra-
dation was in comparison to Papatheocharis et al. (2019) and Papatheocharis et al.
(2020) quantified for the automatically welded X-joints utilizing static tensile tests.

3.9.1 Test setup induced displacements

The subsequent evaluation of the fatigue damage induced stiffness degradation was
performed on behalf of the force-displacement data of the testing device obtained from
static tensile tests. However, these force-displacement signals do not only include the
displacement of the damaged X-joints but also the displacements of the test setup.
Therefore, to correct the force-displacement data of the static tensile tests with respect
to the incorrect proportion of the test setup, this error was determined by using two
point lasers aligned with the top side of the ring flanges as shown in Figure 3.42.

Considering the force-displacement signals from the testing device as well as the
displacement of the X-joint measured by the point lasers, a linear error function e(∆u)
valid for the present test setup was approximated, see Figure 3.43. The corresponding
calculation steps are in-depth described in Kleibömer (2018). The linear error function
valid for the given test setup reads

e(∆u) = 436.67∆u+ 7.51, (3.5)

whereby ∆u denotes the recorded displacement of the testing device.
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Figure 3.42: Positioning of the point lasers to determine the displacement component
resulting from the test setup
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Figure 3.43: Linear approximation of the the test setup induced displacement error for
X-joint W.ID 318
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The slope me(∆u) = 436.67 kN/mm was then used to correct the testing device based
measurement data recorded during the static tensile tests with regard to the test setup
induced displacement error.

3.9.2 Impact of inner welding on the stiffness behavior

To quantify the impact of the inner weld seam on the stiffness of the X-joints, static
tensile tests up to Fax,o were carried out on three arbitrarily selected X-joints per test
series prior to fatigue testing (N = 0). The corresponding force-displacement curves
were then corrected regarding the displacement error using Equation (3.5). Figure 3.44
compares the corrected force-displacement curves for two single- and double-sided
welded X-joints. It can be clearly seen that the four force-displacement curves are
almost identical and thus no measurable impact of the inner weld seam on the stiffness
behavior of the undamaged X-joints can be identified.
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Figure 3.44: Stiffness behavior of both X-joint variants for the undamaged state (N = 0)

Figure 3.45 compares the stiffness behavior of the damaged X-joints after through
thickness cracking was detected (N = N3). Also for these damaged X-joints, the four
force-displacement curves are almost identical so that no measurable impact of the inner
weld seam on the stiffness behavior in case through thickness cracking can be proven.
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Figure 3.45: Stiffness behavior of both X-joint variants after through thickness cracking
(N = N3)

3.9.3 Quantification of fatigue damage induced stiffness degrada-
tion

As the results obtained in Section 3.9.2 indicated that the inner weld does not affect
the stiffness of the X-joints, the effect of the progressed fatigue damage on the stiffness
degradation is determined in the following. For this purpose, static tensile tests were
carried out on X-joints considering varying fatigue damage levels, which are related to
through thickness cracking (N3) as reference value. Figure 3.46 illustrates the stiffness
evolution as function of the various fatigue damage levels. Moreover, the stiffness
behavior numerically determined by finite element analysis (FEA) of the undamaged,
linear-elastic global model of the X-joints (see Section 5.2.2) is included in Figure 3.46,
which shows a good agreement with the measured force-displacement values for N = 0.

Essentially, an almost linear relationship between the applied load and the resulting
displacement can be identified for all tested damage levels. However, with increasing
damage a slightly non-linear behavior can be observed at the beginning of the static
load application which can be attributed to a transformation of the applied type of
loading with increasing damage. At a certain damage level, the lateral tearing of the
X-joints shown in Figures 3.28 and 3.29 results in an eccentricity which transforms the
pure axial tensile load into a combined axial and bending load case. For this combined
loading, the resulting load-deformation curve exhibits a linear behavior again.

Apart from the evolution of the load-deformation curves for different damage levels,
Figure 3.46 includes the resulting slopes of the linear sections of the curves. Comparing
the slope obtained from an undamaged X-joint (N = 0) with the corresponding value
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Figure 3.46: Stiffness degradation for various fatigue damage levels

after through thickness cracking was detected results in a 12 % stiffness reduction for
N = N3 indicating that the X-joint still has considerable load-bearing reserves at that
damage level. The same comparison performed after N = 1.28 ·N3 load cycles results in
a stiffness reduction of about 42.5 %. However, the statically applied upper load Fax,o
of the corresponding fatigue test can still be completely removed. A further fatigue
testing of the tubular X-joints until rupture (N4) was not feasible, due to the used test
setup including a fixed lower clamping chuck.

In addition to the determined load-bearing reserves, the measured stiffness degradation
can also be evaluated with regard to a stiffness-based structural health monitoring of
the jacket structure. Due to the shown low impact of through thickness cracking on the
measured stiffness degradation of the tubular joints, a stiffness-based structural health
monitoring will be difficult to accurately apply if the jacket structure is not supposed
to be significantly damaged and close to collapse.

A similar stiffness behavior is described by Papatheocharis et al. (2020) for tubular
X-joints with an applied IPB moment. Based on fracture-mechanical investigations on
tubular T-joints, Dover et al. (2003) also report this good-natured damage behavior of
tubular joints including large load-bearing reserves.
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3.10 Findings

In this chapter, comprehensive experimental investigations on the fatigue performance
of automatically welded tubular X-joints were presented. During these tests two X-joint
configurations were evaluated, whereby single-sided welded X-joints were tested in the
first test series and double-sided welded X-joints in the second series to quantify the
effect of inner welding on the fatigue strength of the X-joints. For the majority of the
fatigue tests, elaborate optical measurements based on the DIC method were performed
to digitize the fatigue damage evolution and to determine the time of technical crack
initiation. In addition, extensive strain measurements using strain gauge chains were
carried out to verify the numerical models and to identify systematic errors occurred
during the production of the X-joints and within the test setup as well as to evaluate the
impact of the inner weld seam on the mechanical behavior of the X-joints. Furthermore,
static tensile tests were conducted to quantify the fatigue induced stiffness gradation.

The results obtained are summarized and evaluated below:

Fatigue resistance based on the structural stress approach

The performed fatigue tests on the automatically welded X-joints considering the
through thickness crack as failure criterion resulted in a moderately increased fatigue
strength of 8 % for 2 ·106 load cycles compared to the current design S-N curve FAT 114.
The fatigue test results obtained in scope of this work showed good agreement with the
fatigue tests performed by Zilli et al. (2019), whose X-joints were fabricated industrially.
The corresponding standard deviations were similar to the empirical values given by
Haibach (2006) for uniformly manufactured welded joints and thus well below the value
specified by the DNVGL-RP-C203 (2019) for manually welded tubular joints.

Referring to the fatigue tests on manually welded tubular joints performed in the recent
past, the robot-welded X-joints tested in this thesis showed a significantly improved
durability of about 25 % for the characteristic fatigue strength. However, the computed
fatigue resistance for the manually welded tubular joints is based on a much broader
database that includes tests on various types of tubular joints with different dimensions.
To obtain a comparable statistically verified S-N curve for automatically welded tubular
joints, further fatigue tests considering various types of joints, dimensions including
multilayer welds, load cases and industrial fabrication conditions are required.

Although the X-joints tested in the scope of this thesis were welded at a research
facility, a comparison with the results obtained by Zilli et al. (2019) indicates that
the tested tubular joints can be seen as realistic test specimens. In view of the large
geometric deviations of the standardized tubes used, which are not to be expected for
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the large-diameter pipes usually used in real-scaled jacket constructions, a worst-case
scenario can be assumed for the automated production and the resulting test specimens.
Due to the consistent digitization of both the production parameters and the fatigue
behavior, including a 3D surface scan of the weld geometry, the tested X-joints are
almost transparent test specimens, which allow a subsequent comparison with industri-
ally manufactured (large-scaled) tubular joints.

Notch stress approach based fatigue performance

The fatigue resistance according to the notch stress approach was evaluated with
regard to the specified failure criterion through thickness cracking but also considering
technical crack initiation. All obtained test results for through thickness cracking were
well located on the safe side of the defined FAT 225 design S-N curve. However, all
data sets except one considering technical crack detection were also located slightly
above the FAT 225 design S-N curve. Therefore, almost the entire crack propagation
phase, which covered in average 81 % of the total durability of the X-joints, is not
considered and thus the FAT 225 S-N curve significantly underestimates the fatigue life
until through thickness cracking occurred.

To enable not only a safe but an economical fatigue assessment of robot-welded tubular
joints using the notch stress approach, design S-N curves are required, which consider
on the one hand the additional durability resulting from the extensive crack propagation
phase. However, this would defeat the idea of a structure independent approach consid-
ering one global design S-N curve. On the other hand, the approach could be related to
the technical crack as failure criterion to exclude the effect of the crack propagation
phase. Therefore, further research is required on that topic.

Impact of inner root welding

Considering the results of the performed fatigue tests, no significant impact of the inner
root layer could be determined, as none of the tested X-joints failed from the root. The
fatigue strength according to the structural stress approach of the double-sided welded
X-joints was slightly lower than that of the single-sided welded joints. However, the
scatter bands were almost identical, which also applies to the outcomes according to the
notch stress approach, and statistical significance is therefore limited. The divergence
between both test series can be attributed to the larger scattering for the double-sided
welded joints, since the mean values of both test series were almost identical. Since
the database for calculating the standard deviations only comprised 16 tubular joints,
further fatigue tests are required to obtain a statistically safe conclusion about the
scattering of single- and double-sided welded tubular joints.
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With regard to the position or length of the resulting fatigue cracks, no effect of the
inner welding could be determined, since the position and circumferential length of
the cracks as well as the crack paths towards the chord were almost identical. The
similarity of the results obtained from the fatigue tests of both test series fits well with
the outcomes of the strain gauge chain measurements, because again, no significant
difference between the two test series could be determined from the strain gauge data.

Thus, for the fatigue tests carried out on the axially loaded X-joints within the scope
of this work, neither a positive nor a negative effect of the inner weld seam on the
fatigue strength could be determined. However, with regard to the process reliability of
the automated welding procedure briefly summarized at the beginning of this chapter,
a significant advantage of the inner welding can be seen, as this ensures a securely
connected weld root including a full penetration of the weld.

Applicability of DIC to fatigue tests of welded structural components

A procedure to apply the optical DIC based measuring system ARAMIS during the
ongoing fatigue testing of welded structural components was developed on behalf of
fatigue tests on butt-welded joints. Utilizing a testing device-based controlling of two
ARAMIS systems in total, the fatigue damage evolution could be recorded and thus
digitized during the running fatigue test. A subsequent strain and displacement analysis
of the digitized data enabled the exact localization of the initiating fatigue damage hot
spots as well as the temporal detection of the technical crack. The technical crack was
therefore defined as the initial macroscopic crack, which was determined on behalf of
the first displacement gap identified within the temporal evolution of the measured
displacement across the axial strain hot spot.

Besides the subsequent analysis of the digitized fatigue damage related history of the
fatigue tests, the 3D ARAMIS measurement data representing the real 3D weld geome-
try of the component can be exported and further utilized for a detailed analytical and
numerical analysis as shown in Chapter 4.

Strain gauge chain measurements

Strain gauge measurements were performed on behalf of four strain gauge chains located
at both saddle positions of in total three X-joints per test series. The obtained values for
chord and brace showed a good agreement between the X-joints which represents the high
process stability achieved during welding as well as the high degree of reproducibility of
the axial test setup. In addition, the strain gauge measurements showed that systematic
errors can be excluded and therefore do not have to be considered within the numerical
models.
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3.10 Findings

With regard to the inner welding, the measured strains especially in the braces were
almost identical between both X-joint configurations. Only slightly higher strains were
determined for the double-sided welded X-joints in proximity of the chord-sided notch.
The computation of the corresponding SNCF values confirms the results obtained by
Mangerig & Romen (2009) indicating that tubular X-joints experience larger fatigue
loads then K- and DK-joints, since the considered X-joints showed significantly increased
SNCF values. The SNCFs computed for the braces of the single-sided welded joints were
increased compared to the values of the chord even though the fatigue failure occurred
within the chord-sided notch. This topic is numerically addressed in Section 5.5. For
the double-sided welded X-joints the SNCFs tended to higher values for the chord
compared to the brace, however, a validated conclusion on this is not possible due to
large scattering and therefore requires further research.

Stiffness degradation of damaged tubular X-joints

The fatigue damage induced stiffness degradation was quantified on behalf of static
tensile tests that were conducted at various damage levels. During these tests, no differ-
ences in the stiffness behavior of the X-joints could be observed for both configurations,
which was true for the undamaged X-joints with N = 0 and after through thickness
cracking occurred for N = N3 load cycles. Considering through thickness cracking, the
analyzed X-joints exhibited only a minor stiffness degradation of about 12 % compared
to the undamaged joints. Even after N = 1.28 ·N3 load cycles, the applied upper load
Fax,o was completely removed by the X-joint with a corresponding stiffness reduction
of about 43 %. Therefore, the obtained outcomes clearly indicate that the tubular
X-joints still have considerable load-bearing reserves after through thickness cracking
was detected and that a stiffness-based structural health monitoring strategy is difficult
to apply if the jacket structure is not supposed to be significantly damaged and close to
collapse.
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4 Weld Geometry Characteristic

4.1 Introduction

In the previous chapter, the evaluation of the laser scans and ARAMIS data already
indicated the high potential of the automated welding process for reproducing the
intended weld geometry. Furthermore, the reduced scatter obtained from the experimen-
tal fatigue tests points to a high process stability achieved during the serial production
of the X-joints. Therefore, this chapter characterizes the automatically fabricated weld
geometry of the tubular X-joints on behalf of the notch radii and flank angles as well as
the real notch stress evolutions.

To statistically confirm the optical impression of a uniform and highly reproducible weld
geometry, weld geometry profiles representing both saddle positions are prepared in
Section 4.2 and subsequently analyzed with respect to the notch radii ρ and flank angles
θt in Section 4.3. The outcomes of this investigations will be statistically evaluated and
compared to relevant values from literature in Section 4.4.

Besides the comparison of the weld geometry parameter obtained for the saddle positions,
the evolution of the notch radii and flank angles along the chord-sided weld toe is
investigated in Section 4.5 to statistically confirm the stability of the welding process
along the weld, which leads to the uniform shape of the weld geometry. For the
purpose of comparison, these investigations are additionally performed for a real-scaled
automatically welded mock-up, as well as two large-scaled manually welded tubular
X-joints.

Since the fatigue resistance of welded components is mainly driven by geometrically
caused stress concentrations, the real notch stress distributions of the robot-welded
X-joints are of major interest to further characterize the weld geometry. Therefore, a
numerical computation procedure is developed in Section 4.6 to compute real (fatigue
effective) notch stresses within the hot spots of the tubular X-joints using digital twins,
which include the 3D surface scans. By applying the developed methodology to the
automatically welded X-joints, the real notch stress evolutions along the hot spots’ weld
seams are computed and statistically evaluated. Furthermore, the real (fatigue effective)
notch stresses are compared to corresponding values obtained for two manually welded
X-joints.
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4.2 Preparation of surface scan raw data

4.2 Preparation of surface scan raw data

Besides the previously mentioned surface scans utilizing the blue line laser as well as the
ARAMIS systems, several X-joints were additionally scanned with an ATOS Core 200
by GOM GmbH, see Section 4.2.3. To subsequently enable an analysis of the scanned
weld geometry with respect to the weld geometry parameter, all the 3D surface scans
must be prepared first, which is outlined in the following.

4.2.1 Laser scan profiles

The data points obtained by the blue line laser after welding depict the actual weld
geometry of the automatically welded tubular X-joints with approximate accuracy.
However, this depiction is disturbed by unavoidable environmental effects and noise.
To compute the notch radius ρ and the flank angle θt, a further processing of these
measured profile data by utilizing a low-pass filter is required. Collmann & Schaumann
(2018) and Collmann (2021) developed an application of the linear Gaussian filter
according to DIN EN ISO 16610-21 (2013), which is well-known from the roughness
measurement (see Volk (2018)), to correct the measured raw data of the profile from
interfering noises. The essential parameter of this filter to define the corresponding
degree of smoothing is the cut-off wavelength λc. According to Collmann & Schaumann
(2018) and Collmann (2021) the cut-off wavelength should be set to λc = 2.5 mm for
an application case of a scanned weld seam geometry. By doing so, the minimum
determinable notch radius is equal to ρMin = 0.1 mm, which is sufficiently small for the
application on the robot-welded X-joints.

Due to the infinite extension of the Gaussian weight function, a cut-off value Lc must
be defined before filtering to limit the function to a finite length. Following the
recommendations of DIN EN ISO 16610-21 (2013), this cut-off value is set to Lc = 0.5
which corresponds to a tolerable implementation error of 0.76 %. The smoothing of
the weld geometry profile using the linear Gaussian filter is then performed within the
MATLAB software environment. Figure 4.1 compares the resulting smoothed profile
to the corresponding measured raw data representing the local weld geometry at the
saddle position of the automatically welded tubular X-joint W.ID 239.
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4.2 Preparation of surface scan raw data
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Figure 4.1: Smoothed weld geometry profile of the 90◦ saddle of W.ID 239 compared to
the raw data of the performed laser scan

4.2.2 ARAMIS surface data

No additional filtering process has to be applied for the 3D ARAMIS surface data,
due to the used DIC method explained in Section 2.6.2 to compute the facets’ center
points which are the basis for the triangulation of the 3D point cloud representing the
surface, see GOM GmbH (2016). This point cloud is then polygonized to a 3D surface
mesh, see Bloomenthal (1988) and Wilke (2002). The disturbing impact of the noise is
controlled by the averaging effect of the number of pixels used to calculate the facets’
center points. In general, smaller facets lead to a higher spatial resolution including
increased noise effects, while larger facets lead to a less accurate spatial resolution with
lower noise. For the generation of the 3D surfaces used in this chapter a facet size of
12× 12 pixel was used, with one pixel representing an area of 0.027× 0.027 mm with
an accuracy of 0.004 mm.

It is not expected that the coating required for the ARAMIS measurements will have a
significant effect on the scanned surfaces, since test measurements did not reveal any
geometric change of the scanned surface in the transition between the coated and the
untreated steel. Furthermore, an obtained 3D surface is validated in Section 4.2.4 by
target/actual comparisons with both a corresponding line laser and an ATOS scan.

However, the ARAMIS based 3D surfaces have to be prepared as well, as accurate
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4.2 Preparation of surface scan raw data

generations of the weld geometry profiles located at the saddle positions require a global
reference coordinate system which is valid for all obtained surfaces and in which the
coordinates of both saddle points are known. This global coordinate system is not
provided within the 3D ARAMIS surface raw data and a coordinate transformation of
the surface scans is required. Since the 3D surfaces will be also used for the generation
of the digital twins representing the hot spots of the X-joints, the required coordinate
transformation of the 3D surfaces is based on a global reference coordinate system that
was obtained from the ideal numerical models of the X-joints given in Section 4.6.1.
By doing so, a sufficient alignment of the 3D surfaces within the numerical (sub-)
models analyzed in Section 4.6 is ensured as well. The alignment of the global reference
coordinate system is shown in Figure 4.2.

z

y

Figure 4.2: CAD model of the of the X-joints including the global reference coordinate
system

For this purpose, the ideal numerical models of the X-joints were exported from the finite
element software ANSYS as IGES-files and subsequently imported into the software
GOM Inspect as CAD models. The reference coordinate system was included within
these models. Within GOM Inspect this coordinate system was then set as new reference
coordinate system of the 3D surfaces. In the next step, the scanned surfaces had to
be roughly aligned manually by aligning three points selected on the surface scan
with the corresponding triple on the CAD model of the ideal X-joint. The rough
alignment was then precised by GOM Inspect by computing a local best fit. To obtain
an accurate alignment of the surface scan, only the scanned parts of the tubes (brace
and chord) should be selected for the computation of the best fit, since only these
tubes are consistent in both the CAD model and scanning data, with the exception of
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4.2 Preparation of surface scan raw data

the manufacturing tolerances reported in Section 3.2.2. A finally aligned 3D surface
scan of W.ID 249 is shown in Figure 4.3 together with the corresponding target-actual
comparison of the alignment given in Figure 4.4. The deviation between the surface
of the CAD tubes and the aligned 3D scan is varying between ±0.1 mm which is an
acceptable error compared to the tolerances of the used tubes.

Figure 4.3: Alignment of the 3D ARAMIS surface using an ANSYS based CAD of the
X-joint

[mm]
0.0 0.5−0.5

Figure 4.4: Target/actual comparison between the CAD of the X-joint and the aligned
ARAMIS surface

The weld geometry profiles were then obtained by creating a surface cut through the
saddle point using a cutting plane. The positioning of this surface cut is exemplarily
shown in Figure 4.5.

129



4.2 Preparation of surface scan raw data

(a) Aligned surface including cutting line (b) Triangulated 3D surface with profile cut

Figure 4.5: Profile cutting from the 3D ARAMIS surfaces at the saddle position

4.2.3 ATOS surface data

Contrary to the application of the DIC method in ARAMIS to compute the facets’
center points used for the triangulation of the 3D surface point cloud, the 3D surface
scanning procedure using the ATOS system as shown in Figure 4.6 (a) is based on the
stripe projection method. Several equidistant stripe patterns are projected onto the
surface of the specimen resulting in light intersections lines which are then used to
generate the required depth information using the triangulation process, see Frankowski
et al. (2000), Wiora (2001) and GOM GmbH (2017). Internally, the various overlapping
point clouds are then aligned and averaged by using fixed reference points reducing
the noise to an acceptable limit. If necessary, individual outliers of the surface can be
removed manually afterwards. The final 3D surface mesh is then generated again by
polygonization, see Figure 4.6 (b).

(a) Scanning of weld geometry (b) Obtained surface mesh

Figure 4.6: Weld geometry scanning of manually welded X-joint IWES A utilizing an
ATOS Core 300 (a) and obtained 3D polygon mesh (b)

However, for an accurate cutting of the surface profiles also the ATOS surfaces have
to be aligned using the global reference coordinate system shown in Figure 4.7. The
procedure used for the required coordinate transformation is equivalent to the previously
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4.2 Preparation of surface scan raw data

presented one for the ARAMIS surfaces. The differences between the tube surfaces of
the CAD model and the aligned 3D ATOS scans are again varying between ±0.1 mm.
The corresponding profile lines were then obtained by using cutting planes as well.

z

y

(a) Overall view (b) Detailed view of aligned surface

Figure 4.7: Aligned 3D surface scan within the CAD of the corresponding X-joint. The
new global reference coordinate system is shown in red

For the robot welded tubular X-joints in total four weld geometries were digitized by
using an ATOS Core 200 by GOM GmbH, which has a spatial resolution of 0.08 mm
with a 3D point accuracy of 0.013 mm. This system was also utilized to scan the
multi-layer weld of the real-scaled mock-up addressed in Section 4.5.2. The scanning of
the manually welded X-joints’ weld geometries was performed by using an ATOS CORE
300, which has a spatial resolution of 0.115 mm with a 3D point accuracy of 0.02 mm.
These deviations can be tolerated as they are much smaller than the differences between
the surfaces of the CAD tubes and the aligned 3D ATOS scans.

4.2.4 Comparison of scanned surface data

For reason of verification, the obtained weld geometry profiles based on the blue line
laser as well as the 3D ARAMIS measurement are compared for the 90◦ saddle position
of X-joint W.ID 249 in Figure 4.8.

The comparison of both profiles shows that the global weld geometry can be depicted
almost identically in both methods. This is especially true for the area of the weld
seam that is decisive regarding the fatigue investigations. Only for the parts of the
brace which are further away from the weld, a slight difference can be seen between
both profiles.
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4.2 Preparation of surface scan raw data
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Figure 4.8: Comparison of the weld geometry profiles based on laser scanning and
ARAMIS measurement for the 90◦ saddle position of W.ID 249

However, when having a closer look into the chord-sided notch as shown in Figure 4.9 for
X-joint W.ID 242 a small but important difference between the profiles can be observed.
The shape of the filtered laser scan-based profile is significantly smoothed within the
chord-sided notch compared to the profile based on the ARAMIS measurement. This
smoothing will result in significantly larger and less fatigue-critical notch radii when
analyzed.
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Figure 4.9: Detail view of the chord-sided notch represented by laser scan and ARAMIS
based profiles for the 270◦ position of W.ID 242

Additionally, Figure 4.9 includes the raw data of the laser scan which shows in comparison
to the filtered laser scan a better matching to the sharper ARAMIS based profile. This
is due to the high resolution of the ARAMIS measurement combined with the used
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4.3 Evaluation algorithm of notch radius ρ and flank angle θt

surface calculation procedure as described in Section 2.6.2. Contrary to this, the point
density of the laser scanner with 15 points per mm is too low to accurately depict the
shape of the chord-sided notch.

To further validate the obtained 3D ARAMIS surfaces, a target/actual comparison
with a corresponding ATOS scan was performed as shown in Figure 4.10. For the
outcomes of both scanning systems a deviation with a mean value of 0.0007 mm and
a corresponding standard deviation of 0.0095 mm could be reached, meaning 98 % of
the surface points have a deviation less than ±0.02 mm which is sufficiently accurate
to represent the expected minimum notch radius ρMin = 0.1 mm. A reason for this
deviation is seen in the history of the compared specimen, since the ARAMIS scanning
was performed in the undamaged state prior to the fatigue test. In contrast, the ATOS
surface is based on a scanned section of the X-joint which was cut out after testing. The
coating will not effect the results of the target/actual comparison since the extracted
section of the X-joint had to be coated as well to suppress reflections during the ATOS
scanning.

[mm]

0.0

0.1

−0.1

Figure 4.10: Target/actual comparison between the ARAMIS surface mesh and the
corresponding ATOS surface mesh of W.ID 264

To be conservative, instead of the laser scanned profiles only the ARAMIS and ATOS
based surfaces were further analyzed with respect to the notch radius ρ. For the
determination of the flank angle θt all three surfaces scans can be used, since θt depends
on the global shape of the weld flank (see Section 4.3), which was well depicted by all
three scanning methods.

4.3 Evaluation algorithm of notch radius ρ and flank an-
gle θt

After the profile data is prepared, the geometrical parameters notch radius ρ and flank
angle θt, usually used to characterize the weld geometry of welded components, can
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4.3 Evaluation algorithm of notch radius ρ and flank angle θt

be determined for the transition between chord and weld or brace and weld at the
saddle positions of the X-joints. These parameters were computed using an algorithm
implemented in MATLAB, which originally goes back to Zein El Dine (2008) and
was further developed by Steppeler (2014) and Collmann (2021) for the respective
applications on butt-welded specimens. The evaluation algorithm is based on the
assumption that the actual notch can be approximated by a segment of a circle.

The basis for the approximation of a weld notch by means of circular segments is
the detailed localization of the notch or a corresponding starting point, respectively,
within the weld geometry profile data. Due to the flat, plane geometry of the base
materials analyzed by Zein El Dine (2008), Steppeler (2014) and Collmann (2021) this
step was carried out by comparing the coordinates of the individual measuring points
with respect to the height along the profile. For the identification of a suitable starting
point, 70 % of a defined number of subsequent data points had to have a higher position
than the considered data point. In addition, at least one of the subsequent data points
must be located 0.1 - 0.15 mm higher than the considered point. If both conditions
are fulfilled, the considered data point is stored as the starting point MPS to run the
algorithm.

Due to the complex intersection between chord and brace of tubular joints, the above-
mentioned criteria for detecting the starting point MPS are not suitable for the present
application. For this reason, two linear approximations, each with a local coordinate
system, were fitted along the profile data points representing the chord and the brace
pipes, see Schaumann et al. (2018). These linear approximations were then introduced
as new reference values, see Figure 4.11. The linear approximation of the corresponding
pipe sections is feasible due to the combination of a high measuring point density
(approximately 15 data points per mm for the laser scanning profiles and 20 data points
per mm for the ARAMIS based profiles) and the comparatively large pipe diameters.

To detect the starting point MPS (see Figure 4.11) for the iterative circular approx-
imation of the weld notches, the distances between the data points of the measured
profiles and the linear approximation of the pipes are computed with respect to the
local y-direction of the previously introduced coordinate systems. A considered data
point is identified as a suitable starting point MPS if at least 70 % of the 25 subsequent
data points have a greater distance in positive y-direction. The second criterion of the
minimum threshold value of 0.1 - 0.15 mm, which is to be exceeded once only, can be
omitted for this extended application of the algorithm.
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4.3 Evaluation algorithm of notch radius ρ and flank angle θt
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Figure 4.11: Circular approximation of the weld notch to determine the notch radius ρ
as well as linear approximation of the weld flank to compute the flank angle θt. Both
procedures are exemplarily shown for the transition between chord and weld

After that, starting at each of the previously determined possible starting data points
MPS, the weld notch is iteratively approximated by circular segments whose radii are
varied between ρMin = 0.1 mm and ρMax = 15.0 mm in ∆ρ = 0.01 mm steps. The final
data point MPF of a circle segment (see Figure 4.11) is then defined by detecting the
last intersection between the circle and the measured weld profile.

In accordance with the original version of the algorithm developed by Zein El Dine
(2008), the evaluation of the quality Qk for all circular segment approximations is based
on the distances ∆ρi between the analyzed data points MPi of the notched area and
the circular segment, see Equation (4.1). In general, a small value for Qk represents a
good approximation.

Qk =
∑
i |∆ρi|
n2
MP

(4.1)

It is of particular and significant importance that the number of data points nMP

considered during the iterative approximation using circular segments is squared when
calculating Qk to prefer approximations based on a larger numbers of weld profile data
points. In this way, the calculation of unrealistically small notch radii based on only a
few data points can be avoided. Finally, the corresponding notch radius ρ of the best
circular approximation together with the corresponding starting point MPS can be
determined by finding the minimum value of Qk from the total of all approximations.
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4.4 Local weld geometry parameters

For the determination of the corresponding flank angle θt of the automatically welded
tubular X-joints, the algorithm developed by Zein El Dine (2008), Steppeler (2014) and
Collmann (2021) was adapted according to the proposals of Schubnell et al. (2018) for
GMA welded joints. In the original version of the algorithm for butt-welded specimens,
the flank angle θt was located between the tangent to the best approximating circle
located at the final data point MPF and the linear reference approximation of the
chord surface. For the adapted application to the automatically welded tubular joints,
θt was approximated by computing a further linear approximation of the weld flank
in accordance with Schubnell et al. (2018), see Figure 4.11. The flank angle θt for
each transition can then be computed as the intersection angle between the linear
approximations of the pipe and the weld flank.

4.4 Local weld geometry parameters

The weld geometry parameter ρ and θt were evaluated for both saddle positions (90◦

and 270◦) of the 13 single- and 13 double-sided automatically welded tubular X-joints,
whose hot spots were monitored by the two ARAMIS systems. The results of the notch
radii analysis are shown in Figure 4.12 for the chord-sided notches and in Figure 4.13
for the brace-sided notches. The outcomes of the statistical evaluations are summarized
in Tables 4.1 and 4.2.
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Figure 4.12: Notch radii ρCh computed for the chord-sided notches at both saddle
positions
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Figure 4.13: Notch radii ρBr computed for the brace-sided notches at both saddle
positions

Table 4.1: Statistical evaluation of the notch radii ρ and flank angles θt for the 90◦
saddle position

W/o in. weld W/ in. weld W/o and w/
Saddle 90°

Chord Brace Chord Brace Chord Brace
ρMin [mm] 0.71 1.11 0.84 1.21 0.71 1.11

ρMax [mm] 1.75 14.64 2.48 11.43 2.48 14.64

ρ̄ [mm] 1.22 4.78 1.41 5.62 1.31 5.20

sρ [mm] 0.37 4.17 0.55 3.49 0.47 3.79

CV(ρ) [%] 30.69 87.11 39.13 62.10 35.92 72.86

θt,Min [°] 45.25 11.54 41.79 8.59 41.79 8.59

θt,Max [°] 53.87 18.16 56.52 18.48 56.52 18.48

θ̄t [°] 49.38 14.58 47.46 12.40 48.42 13.49

sθt
[°] 2.98 2.45 3.76 3.13 3.46 2.97

CV(θt) [%] 6.03 16.83 7.93 25.20 7.16 22.00
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4.4 Local weld geometry parameters

Table 4.2: Statistical evaluation of the notch radii ρ and flank angles θt for the 270◦
saddle position

W/o in. weld W/ in. weld W/o and w/
Saddle 270°

Chord Brace Chord Brace Chord Brace
ρMin [mm] 0.45 1.68 0.37 2.03 0.37 1.68

ρMax [mm] 1.75 15.00 1.67 14.18 1.75 15.00

ρ̄ [mm] 0.94 4.98 0.92 7.03 0.93 6.00

sρ [mm] 0.45 3.82 0.36 4.09 0.40 4.01

CV(ρ) [%] 48.11 76.77 38.80 58.16 42.85 66.79

θt,Min [°] 40.15 7.81 37.14 9.03 37.14 7.81

θt,Max [°] 50.97 18.78 50.03 20.01 50.97 20.01

θ̄t [°] 46.02 15.09 42.59 15.84 44.30 15.46

sθt
[°] 3.25 3.24 3.36 2.92 3.68 3.04

CV(θt) [%] 7.07 21.45 7.90 18.44 8.30 19.65

The outcomes of the notch radius analysis show that the chord-sided notches of the
weld have significantly smaller notch radii compared to the brace-sided notches. The
chord-sided notch radii are varying between ρCh,Min = 0.37 mm and ρCh,Max = 2.48 mm
for both saddle positions and X-joint configurations. The corresponding mean values per
analyzed hot spot position and X-joint configuration are ranging from ρ̄Ch = 0.92 mm
to ρ̄Ch = 1.41 mm. The obtained notch radii for the brace-sided notches are varying
between ρBr,Min = 1.11 mm and ρBr,Max = 15.0 mm for both saddle positions and
X-joint configurations with corresponding mean values ranging from ρ̄Ch = 4.78 mm to
ρ̄Ch = 7.03 mm.

Considering the chord-sided notches in Figure 4.12, both X-joint configurations in
average have smaller notch radii and therefore sharper notches at the 270◦ saddle
position with a mean notch radius ρ̄270◦ = 0.93 mm compared to ρ̄90◦ = 1.31 mm for
the 90◦ side. For the brace-sided notches such a tendency cannot be seen due to the
large scattering.

The scattering of chord-sided notch radii ρCh expressed by the standard deviation
sρCh = 0.44 mm is significantly reduced compared to the values obtained for the brace-
sided notch with sρBr = 3.9 mm. The comparatively large scattering of the brace-sided
notch radii can be explained by the flat and smooth transition between the brace tube
and weld seam. Here, a small change in the weld seam contour has a large effect on
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the best circular approximation that is based on only a few data points. A comparable
variation of the notch contour in the chord-sided notch has less effect on the calculated
notch radius due to the sharper transition with a more stable circular approximation
based on a larger number of data points.

An effect of the inner weld on the size or scatter of the outside notch radii for both
notches cannot be seen, since the scatter bands per analyzed side and notch are
comparable for both X-joint configurations.

In particular, the obtained notch radii for the chord-sided notches ρCh correspond
well to values given in literature. For example according to Seeger (1996), the notch
radii of welded connections are varying between ρ = 0.0 mm and ρ = 3.0 mm with
a mean value of ρ̄ = 1.0 mm. Schubnell et al. (2018) give a broad overview about
the mean notch radii and standard deviations of various welded joints including fillet
welded stiffener (GMA, S355) analyzed by Barsoum & Jonsson (2011) with mean notch
radius equal to ρ̄ = 1.27 mm as well as a corresponding standard deviation equal
to sρ = 0.79 mm. Comparable values for fillet welded stiffener (GMA, S355) were
obtained by Lieurade et al. (2008) as well with ρ̄ = 2.1 mm and sρ = 0.2 mm. Steppeler
(2014) determined notch radii for butt-welded plane specimen (GMA, S355J2 + N)
varying between ρ = 0.53 mm and ρ = 4.96 mm with a corresponding mean value of
ρ̄ = 2.67 mm and a standard deviation of sρ = 1.13 mm. Compared to the notch radii
for the GMA-welded connections given in the literature, the obtained values for ρBr are
(in some cases significantly) increased due to the smooth and flat transition between
brace and weld.

Comparable to the notch radii, the flank angles θt were determined for both saddle
positions of the 26 X-joints. The results are presented in Figure 4.14 and the statistical
evaluation is also included in Tables 4.1 and 4.2.

The analysis of θt clearly represents the typical weld seam geometry with a comparatively
sharp transition between chord and weld and a comparatively smooth transition between
weld and brace. Therefore, the flank angle θt,Ch varies between θt,Ch,Min = 37.14◦ and
θt,Ch,Max = 56.52◦ with a corresponding mean value of θ̄t,Ch = 46.36◦. The flank angle
towards the brace θt,Br varies between θt,Br,Min = 7.81◦ and θt,Br,Max = 20.01◦ with a
corresponding mean value of θ̄t,Br = 14.48◦.

Considering the scatter of the analyzed flank angles, a significant difference can be seen
when compared to the results of the notch radii, because the standard deviation of
chord and brace is almost identical with sθt,Ch = 3.57◦ and sθt,Br = 3.01◦. Additionally,
no effect of the inner welding on the flank angles is again visible since the scatter bands
per analyzed side and notch are overlapping for both X-joint configurations.

139



4.4 Local weld geometry parameters

W
.ID

16
3

W
.ID

16
4

W
.ID

16
9

W
.ID

17
0

W
.ID

22
9

W
.ID

23
0

W
.ID

23
1

W
.ID

23
4

W
.ID

23
9

W
.ID

24
2

W
.ID

24
8

W
.ID

24
9

W
.ID

25
1

W
.ID

25
4

W
.ID

25
5

W
.ID

25
6

W
.ID

25
7

W
.ID

25
8

W
.ID

26
2

W
.ID

26
4

W
.ID

26
5

W
.ID

30
1

W
.ID

30
7

W
.ID

31
6

W
.ID

31
7

W
.ID

31
80

10

20

30

40

50

60

Analyzed tubular X-joints

Fl
an

k
an

gl
e
θ t

[◦ ]
Chord - ζ = 90◦ - w/o in. weld Chord - ζ = 90◦ - w/ in. weld
Brace - ζ = 90◦ - w/o in. weld Brace - ζ = 90◦ - w/ in. weld
Chord - ζ = 270◦ - w/o in. weld Chord - ζ = 270◦ - w/ in. weld
Brace - ζ = 270◦ - w/o in. weld Brace - ζ = 270◦ - w/ in. weld

Figure 4.14: Flank angles θt computed for the chord- and brace-sided notches at both
saddle positions

Comparing the obtained flank angles to given literature data for cruciform and butt-
welded joints (GMA), obvious differences can be seen with respect to the mean values,
due to the different joint geometries. Schork et al. (2018) determined flank angles
with a mean value of θ̄t = 36.55◦ for welded cruciform joints of 10 mm thick S355
steel plates. Steppeler (2014) obtained mean flank angles of θ̄t = 28.24◦ for 4 mm
thick butt-welded specimen (S355J2 + N). However, when comparing the scatter of
the analyzed flank angles to the given literature data, a significantly reduced standard
deviation was obtained for the weld profiles of the 26 robot-welded tubular X-joints.
Schork et al. (2018) evaluated a standard deviation of sθt = 6.36◦ for the cruciform
joints and Steppeler (2014) determined sθt = 8.73◦ for the butt-welded joints.

The comparatively low scatter of the obtained notch radii ρCh and flank angles θt
indicates the high process stability achieved during the automatically welding procedure
of the 26 analyzed tubular X-joints. Although the production has been carried out
in several production sequences, a high reproducibility of the weld seam geometry is
given.

140



4.5 Evolution of local weld geometry parameters along the weld

4.5 Evolution of local weld geometry parameters along
the weld

4.5.1 Automatically welded tubular X-joints

Besides the previously presented weld geometry parameter analyses for both saddle
points of the 26 X-joints, the evolution of the notch radius and flank angle along the
chord-sided weld toe was determined for a ∆ζ = ±13◦ range around the saddle positions
(ζ = 90◦ or ζ = 270◦) for in total four X-joints. Therefore, the corresponding sectors of
the 3D surface meshes were divided into 51 uniformly distributed profiles with a profile
distance of ∆Cut = 1 mm as shown in Figure 4.15. In addition, Figure 4.15 indicates,
that the obtained profiles were only aligned exactly perpendicular to the chord-sided
weld toe for the saddle position. Based on additional investigations considering rotating
profile cuts, the resulting deviation aside from the saddle point could be classified as
negligibly small and the procedure used is therefore valid.

The obtained profiles were then analyzed with respect to the chord-sided notch radius
ρCh as well as the flank angle θt,Ch. The outcomes of the analysis considering the notch
radii are presented in Figure 4.16 and Table 4.3. Figure 4.17 exemplarily provides a 3D
representation of the notch radii within the 3D surface plots of two X-Joints.

ζ = 77◦ ζ = 90◦ ζ = 103◦∆Cut

x

Figure 4.15: Positioning of the 51 uniformly distributed profile cuts exemplarily shown
for a 90◦ saddle position
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Figure 4.16: Evolution of the notch radii ρCh along the weld toes around the given
saddle positions

2 mm ζ = 90◦

(a) W.ID 254

2 mm

ζ = 270◦

(b) W.ID 301

Figure 4.17: 3D distribution of the chord-sided notch radii for the X-joints W.ID 254
and W.ID 301

The resulting mean values of the chord-sided notch radii, ranging from ρ̄Ch = 0.51 mm
to ρ̄Ch = 1.10 mm, are comparable to the results of the previously performed notch
radius analysis considering the 26 profiles of the saddle points. The obtained values of
the standard deviation are also in a comparable range than before but a little bit lower
ranging from sρCh = 0.11 mm to sρCh = 0.41 mm.

Equivalent results can be seen when analyzing the evolution of θt,Ch along the chord-
sided weld toe as shown in Figure 4.18 and Table 4.3. Along the weld toe an again
reduced standard deviation was obtained with a maximum value of sθt,Ch = 1.53◦ for
X-joint W.ID 264.
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Table 4.3: Statistical evaluation of the obtained notch radius ρ and flank angle θt
evolutions

W.ID 229
Sad. 90°

W.ID 254
Sad. 90°

W.ID 264
Sad. 90°

W.ID 301
Sad. 270°

ρMin [mm] 0.41 0.60 0.52 0.32
ρMax [mm] 1.31 1.85 3.01 0.85
ρ̄ [mm] 0.73 1.10 0.93 0.51
sρ [mm] 0.19 0.29 0.41 0.11
CV(ρ) [%] 26.36 25.94 44.18 22.52
θt,Min [°] 44.37 42.43 44.45 41.83
θt,Max [°] 50.30 47.94 50.53 46.55
θ̄t [°] 47.43 45.02 47.63 43.97
sθt

[°] 1.55 1.40 1.52 1.36
CV(θt) [%] 3.27 3.10 3.20 3.10
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Figure 4.18: Evolution of the flank angles θt,Ch along the weld toes around the given
saddle positions

Besides the reached reproducibility of the weld geometry during serial fabrication of
the 26 previously analyzed X-joints, the further reduced scatter of the notch radius and
flank angle evolutions underlines the additional high process stability achieved during
welding of the individual X-joints resulting in a constant weld geometry evolution along
the seam.

143



4.5 Evolution of local weld geometry parameters along the weld

4.5.2 Automatically welded real-scaled mock-up

Since the so far investigated weld geometry of the scaled automatically welded tubular
X-joints consisted of a single-layer weld only, a plane mock-up, which is shown in Fig-
ure 4.19, of a real-scaled tubular joint representing the saddle position was additionally
automatically welded within the research project FATInWeld. The objective of the
process control strategy during the mock-up welding was to achieve an even and smooth
transition between the weld and the base material of chord or brace, respectively.

(a) Geometry of the robot-based multi-layer weld (b) Weld bead arrangement

Figure 4.19: Front and side view of the real-scaled mock-up

The chord was reproduced by a 50 mm thick plate made of S355J2+N and the brace
by a 25 mm thick plate of same steel grade. Both plates were welded in HV seam
configuration with a seam opening angle of 45◦. A GMA pulsed process was selected
as the automated welding process and a solid wire electrode of the type G4Si1 with a
diameter of 1.2 mm was utilized as the filler material. For better gap-bridging capability,
the root layer was welded in the horizontal position, whereas the other filler layers were
produced in flat welding position. The shielding gas consisted of a mixture of 18 %
CO2 in argon. Furthermore, a preheating temperature of 100 ◦C was specified. Further
detailed parameter settings of the welding process of the real-scaled mock-up as well as
the exact arrangement of the 17 welding beads is given in Schaumann et al. (2020).

The surface weld geometry of the real-scaled mock-up, which consisted of five welding
beads as shown in Figure 4.19 (b), was scanned by utilizing an ATOS Core 200.
After scanning, the surface mesh was cut into 21 parallel profiles with a distance of
∆Cut = 10 mm between each profile, see Figure 4.20. The obtained profiles were then
analyzed with respect to the chord-sided notch radius ρCh as well as the flank angle θt,Ch.
The results of this investigation are presented in Figure 4.21, whereas the statistical
evaluation is given in Table 4.4.
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x ∆Cut

Figure 4.20: Positioning of the 21 uniformly distributed profile cuts relative to the
coordinate x
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(b) Flank angle θt,Ch

Figure 4.21: Evolution of the notch radius ρCh (a) and flank angle θt,Ch (b) along the
weld toe of the automatically welded mock-up

The investigation of the weld geometry parameter for the automatically welded real-
scaled mock-up showed similar results for both the notch radii and flank angles compared
to the robot-welded tubular X-joints. When focusing on the computed scatter of the
flank angles, the standard deviation is almost identical for both weld geometries (for
example sθt,Ch = 1.67◦ for the mock-up and sθt,Ch = 1.53◦ for X-joint W.ID 264).
Considering the scatter of the notch radii ρCh, slightly increased values (combined with
an increased mean value) can be seen compared to the analysis of the tubular X-joints
due to the focus on achieving a smooth transition between the weld seam and the chord.

The outcomes of the performed investigation on the weld geometry of the real-scaled
mock-up confirmed the optical impression that the high process stability is also given
for the multi-layer weld of the mock-up. This can be seen as a first indicator for an
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Table 4.4: Statistical evaluation of the obtained notch radius ρ and flank angle θt
evolutions along the chord-sided weld toe of the real-scaled mock-up

Mock-up
ρMin [mm] 0.50
ρMax [mm] 3.48
ρ̄ [mm] 1.76
sρ [mm] 0.85
CV(ρ) [%] 48.23
θt,Min [°] 34.51
θt,Max [°] 40.33
θ̄t [°] 37.51
sθt

[°] 1.67
CV(θt) [%] 4.45

achievable process stability of real-scaled automatically welded tubular joints. Although
similar results were obtained by Rohe-Krebeck (2020) for another real-scaled robot-
welded mock-up, the performed investigation has only been done for a plane mock-up
fabricated at a research facility. Therefore, the degree of process stability has additionally
to be proven for various types of realistic-scaled automatically welded tubular joints
fabricated within an industrial production line.

4.5.3 Manually welded tubular X-joints

The evolution of the chord-sided notch radii and flank angles was additionally evaluated
for two manually welded X-joints, which had an enlarged scaling of 1:1.5 for X-joint
IWES A (chord: ∅ 813 mm × 39.7 mm, brace: ∅ 508 mm × 14 mm) and 1:1.85 for
X-joint IWES B (chord: ∅ 660 mm × 30 mm, brace: ∅ 406 mm × 12 mm) compared
to realistic offshore jacket dimensions (see Figure 4.22). However, the ratios for the tube
diameter β and wall thicknesses τ as well as the chord-brace angle θ were comparable
to the values of the automatically welded X-joints. Further detailed information about
the geometry of the manually welded X-joints are given in Section 4.6.1. The weld
geometry of the manually welded X-joints was scanned by utilizing an ATOS Core 300
as previously shown in Figure 4.6.
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Figure 4.22: Large-scaled manually welded tubular X-joints IWES A (front) and IWES B

Equivalent to the evaluation procedure applied to the automatically welded X-joints,
the obtained 3D surface meshes were divided into 76 uniformly distributed profiles with
a profile distance of ∆Cut = 1 mm, see Figure 4.23. The corresponding sector covered a
range from ζ = 84.5◦ to ζ = 101.0◦ around the scanned saddle position (ζ = 90◦) for
X-joint IWES A. For X-joint IWES B the sector covered a range from ζ = 265.4◦ to
ζ = 276.8◦ around the scanned saddle point (ζ = 270◦). The obtained profiles were
then analyzed with respect to the chord-sided notch radius ρCh as well as the flank
angle θt,Ch. The outcomes of the analysis are presented in Figures 4.24 to 4.26, whereas
the statistical evaluation is given in Table 4.5.

Considering the notch radius ρCh, the mean values (ρ̄Ch = 1.0 mm for IWES A and
ρ̄Ch = 0.89 mm for IWES B) and standard deviations (sρCh = 0.91 mm for IWES A and
sρCh = 0.36 mm for IWES B) are similar compared to the values obtained along the
weld of the automatically fabricated X-joints in Section 4.5.1. Comparable notch radii
were determined by Kuhlmann et al. (2020) on manually welded K-joints with mean
values ranging from ρ̄Ch = 0.84 mm to ρ̄Ch = 3.56 mm. The corresponding standard
deviations varied between sρCh = 0.31 mm and sρCh = 2.74 mm.

147



4.5 Evolution of local weld geometry parameters along the weld

∆Cutζ = 84.5◦ ζ = 90◦ ζ = 101◦

Chord

Weld

Brace

x

Figure 4.23: Positioning of the 76 profile cuts exemplarily shown for the 90◦ saddle
position of X-joint IWES A
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Figure 4.24: Evolution of the notch radii ρCh along the weld toes around the given
saddle positions

However, when focusing on the evolution of the flank angles θt,Ch shown in Figure 4.26,
the outcomes are completely different due to the rough and uneven shape of the weld
geometry with varying widths of the welding beads. For the weld geometry of the
manually welded X-joints it was not possible to compute the flank angles by using the
algorithm applied for the automatically welded X-joints, since no linear approximation
of the uneven weld flank was feasible. Instead, θt,Ch was determined by applying the
algorithm developed by Zein El Dine (2008), Steppeler (2014) and Collmann (2021)
by computing the flank angle between the tangent to the best approximating circle
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ζ = 90◦2 mm

(a) IWES A

ζ = 270 ◦ 2 mm

(b) IWES B

Figure 4.25: 3D distribution of the chord-sided notch radii for the X-joints IWES A
and IWES B

Table 4.5: Statistical evaluation of the obtained notch radius ρ and flank angle θt
evolutions of the manually welded X-joints

IWES A IWES B
ρMin [mm] 0.26 0.16
ρMax [mm] 6.00 1.89
ρ̄ [mm] 1.01 0.89
sρ [mm] 0.91 0.36
CV(ρ) [%] 90.51 40.50
θt,Min [°] 16.15 25.89
θt,Max [°] 71.60 91.53
θ̄t [°] 43.31 49.49
sθt

[°] 13.15 15.31
CV(θt) [%] 30.37 30.92

located at the final data point MPF and the linear reference approximation of the
chord’s surface, see Section 4.3.

When having a look on the outcomes of this analysis a good correlation between the
rippled surface of the weld seam (as shown in Figure 4.6) and the evolution of the
chord-sided flank angles θt,Ch can be seen in Figure 4.26 resulting in a significantly
increased scatter compared to the values of the automatically fabricated welds as shown
in Figure 4.27. For the manually welded X-joints a standard deviation sθt,Ch = 13.15◦ for
IWES A and sθt,Ch = 15.31◦ for IWES B was obtained which is increased approximately
by a factor of about 10 compared to the robot-welded X-joints. However, the mean
values are not differing much between the differently welded X-joints. For the flank
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Figure 4.26: Evolution of the flank angles θt,Ch along the weld toes around the given
saddle positions

angles, Kuhlmann et al. (2020) determined a similar distribution with a standard
deviation varying between sθt,Ch = 5.30◦ and sθt,Ch = 12.30◦.
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Figure 4.27: Comparison of the flank angle evolutions along the weld toes of the
automatically (W.ID 229) and manually (IWES A) welded tubular X-joints
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4.5.4 Summarizing comparison of the results

Figure 4.28 compares the results of the weld geometry analyses for the three different
welding structures using boxplots. In these plots, the red line describes the median and
the blue box represents the interquartile range between the 25 % and 75 % quantiles
of the respective distribution. The length of the black dashed whiskers refers to the
outermost measured value that is still located in between the 0.35 % and 99.65 %
quantiles. Outliers are represented by the red plus signs.
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(b) Boxplots of notch radius evolutions

Figure 4.28: Boxplots of the notch radius and flank angle evolutions for the robot-welded
X-joints and mock-up as well as the manually welded X-joints
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Focusing on the flank angle distribution shown in Figure 4.28 (a) the strong difference
in the scatter between the automatically (single-layer and multi-layer welds) and the
manually performed welding becomes obvious as outlined before. With respect to the
robot-welded X-joints, it can be stated that all determined flank angles are located in
between the 0.35 % and the 99.65 % quantiles which cover a narrow flank angle range
of about 10 degrees averaged over the four analyzed X-joints. The same behavior is
also given for the multi-layer welded mock-up, even if the corresponding box plot is
placed somewhat lower due to the different geometry of the mock-up. Therefore, the
boxplot analysis clearly underlines the high process stability achieved with respect to
the flank angles of both robot-welded structures the X-joints as well as the mock-up.
However, regarding a serial production of robot-welded real-scaled tubular joints, this
process stability needs to be proven for the industrial application in further research.

Considering the flank angle distribution of the manually welded X-joints the covered
range between both whiskers is much broader due to the rough and rippled weld
geometry. Therefore, the high process stability achieved during the automatically
welding process of the tubular X-joints and the real-scaled mock-up is not given for the
manually performed GMA-welding. When focusing on the medians of the six analyzed
tubular X-joints, comparable values can be seen despite the strongly different scattering.

For the outcomes of the notch radii analysis given in Figure 4.28 (b) the picture is
entirely different. This comparison does not show significant differences between the
manually and automatically fabricated X-joints, especially with respect to the minimum
notch radii. Only the mock-up can be seen as an outlier in this comparison because the
changed production strategy focusing on mild notches is clearly recognizable by the
higher positioning of the interquartile range. However, the notch radii of the mock-up
are much more scattering with the minimum values still being comparable to those
of the automatically and manually welded X-joints. With regard to the minimum
notch radii achieved, no significant advantage from the automated production could
be determined for the analyzed weld geometries. However, on behalf of the mock-up
welding it could be shown that milder notches with enlarged notch radii can be achieved,
even if the required process stability was not yet given with the analyzed mock-up.
Further research is required on that topic to improve the process stability with regard
to the notch radii as well as an additional examination of the industrial feasibility.
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4.6 Computation of real notch stresses

As explained in Section 2.2.3, the weld geometry and especially the shape of the
corresponding notches are significantly affecting the fatigue performance of welded
components. Beside idealized welds, more real weld seam geometries have been consid-
ered in numerical fatigue analysis in the recent past due to advancing digitalization
possibilities of real surface geometries by applying optical or laser based 3D scanners.

For example, Kaffenberger (2012) and Kaffenberger & Vormwald (2012) analyzed
the fatigue resistance of 3D laser scanned weld ends. Fricke & Tchuindjang (2013)
determined the fatigue effective notch stresses for the real weld geometry of stud-arc
welded joints in load-carrying ship structures that were scanned by a 3D laser scanner
to prove the application of the notch stress approach for the fatigue assessment of such
structures. Lang et al. (2016) give a broad overview about the practical application of
3D laser scanning for the evaluation of weld seam qualities as well as in Lang & Lener
(2016b) for the consideration of this data during the fatigue design process. Collmann
(2021) focused on the required preparation of laser scanned weld geometry profiles
(compare Section 4.2.1) to predict the location of fatigue crack initiation based on
realistic notch factors for butt-welded plane specimen. Besides the consideration of
the real (weld) geometry during the fatigue assessment, 3D scan data is also used for
further typical steel construction design aspects like stability considerations. Müller &
Taras (2019) analyzed the influence of initial imperfections on the rotational capacity
of HSS rectangular hollow sections based on 3D scanned surfaces of the specimen. The
computed deformed shape was additionally compared to experimental investigations
utilizing 3D ARAMIS measurements, see Toffolon et al. (2019).

Within this section a procedure was developed and applied to numerically analyze the
real notch stress evolution of the tubular joints’ weld geometries by creating digital
twins applying reverse engineering methods. The applied numerical modeling procedure
is based on the submodeling technique, creating digital twins of the fatigue-critical hot
spots. Therefore, the digital twins are based on idealized submodels extracted from the
chord-brace intersection of the X-joints including an approximated weld seam geometry.
In a next step, these submodels are adapted by replacing the surface of the idealized
weld with trimmed 3D NURBS (Non-Uniform Rational B-Spline) surfaces representing
the actual weld geometry to compute the real linear elastic notch stress distribution.
Finally, based on this realistic notch stress evolution, the corresponding fatigue effective
notch stresses σf were computed by applying the IGM summarized in Section 2.2.3
according to the application proposed by Lang et al. (2017). The required work steps
are described in detail in the following sections.
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4.6.1 Ideal numerical (sub-) models of the tubular X-joints

Global numerical models

To apply the submodel technique, idealized volumetric global models of the four X-joint
configurations to be investigated (w/o and w/ an inner weld, IWES A and IWES
B) were created by further developing the existing in-house software FALCOS of the
Institute for Steel Construction in Hanover. FALCOS (Fatigue Analysis with Local
Concepts for Offshore Structures) is a software tool that controls the pre-processing
(definition of the tubular joint type and the corresponding geometric parameters), the
solution of the numerical model and the post-processing (SCF calculation) of tubular
joints. Within the program, typical models of offshore tubular joints such as Y-, X-, V-,
K- and DK-joints are implemented. The calculation environment is the finite element
program system ANSYS APDL. Detailed information about FALCOS are given in
Schaumann et al. (2007).

The geometric dimensions of the numerical X-joint models created with FALCOS are
represented in Table 4.6 on behalf of the dimensionless parameters α, αBr, β, γ and τ .
Additionally, the values of the outer chords’ diameters D are given. The chord-brace
angle θ was set to θ = 60◦ for each X-joint variant.

The X-joints were modeled in ANSYS using 20-node solid elements with quadratic shape
functions (Solid186) considering linear-elastic material behavior, whereby the values
of the Young’s modulus E of the automatically welded X-joints were determined from
tensile tests according to DIN EN ISO 6892-1 (2017), accounting for the requirements
of DIN EN ISO 377 (2017) and DIN EN 10297-1 (2003). For the determination of ECh
the mean value of three tensile tests has been taken and EBr was determined as the
mean value of in total six tensile tests due to smaller test specimen resulting in larger
scatter for EBr. For the manually welded tubular X-joints no measured Young’s moduli
were available and hence an ideal value of E = 210, 000 N/mm2 has been taken. The
Poisson’s ratio was set to ν = 0.3 for all models. Table 4.7 gives a summary of the
utilized material parameter.

The weld seams between chord and brace (outside and inside layer) of the automatically
welded tubular X-joints were implemented in FALCOS considering the mean values of
the measured flank angles according to Table 4.1 and Table 4.2. For the manually welded
X-joints, an established FALCOS implemented weld geometry was used (see Schaumann
et al. (2004)) which met the AWS D1.1 (2000) requirements. The finite element mesh
was optimized in a sensitivity study, so that the outcomes of the submodels’ notch
stresses were not affected by the mesh size. The meshed numerical model representing
the automatically welded X-joints is shown in Figure 4.29 (a).
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Table 4.6: Considered dimensionless geometrical parameter according to Figure 2.9 of
Section 2.3.2 for the numerical modeling of the tubular X-joints

Robot welded Manually welded
W/o and w/ IWES A IWES B

α = 2L
D

[-] 5.43 5.29 5.30
αBr = 2l

d
[-] 3.54 4.06 4.03

β = d
D
[-] 0.60 0.62 0.62

γ = D
2T [-] 9.20 10.24 11.00

τ = t
T
[-] 0.44 0.35 0.40

D [mm] 368.0 813.0 660.0
θ [°] 60.0 60.0 60.0

Table 4.7: Considered material parameter for the numerical modeling of the tubular
X-joints

Robot welded Manually welded
W/o and w/ IWES A IWES B

ECh [N/mm2] 205,667 210,000 210,000
EBr [N/mm2] 208,167 210,000 210,000
ν [-] 0.3 0.3 0.3

For the calculation of the real fatigue effective notch stresses, an axial force Fax was
applied to the upper brace, whereby the lower brace was hinged in accordance with
the test setup which included a hinged testing cylinder. For all numerical calculations,
the value of the applied axial force Fax was set equal to the numerical value of the
cross-sectional area of the brace ABr, whereby an effective nominal stress σN equal to
unity was realized.

According to Fricke (2012), the evaluation of the fatigue resistance of welded components
considering fatigue effective notch stresses is based on the absolute largest principle
stress |σPr|, that is expexted to act within an ±45◦ sector perpendicularly orientated
towards the weld. Considering the structural behavior of the tubular joints, both
positive and negative principle stresses are expected to occur simultaneously depending
on the weld notch (outside or inside notch) as well as on the loading (axial force or
bending moment). According to the ANSYS (2016) Mechanical User’s Guide, the
principal stresses in ANSYS are defined as σ1 > σ2 > σ3. Based on that definition
and keeping in mind the application case of the tubular X-joints, only the maximum
principle stresses (positive, tensile stress in case of the X-joints) computed as first
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(a) Meshed X-joint

−3.2 2.1 7.3

σ1,3 [N/mm2] Fax

Fax

(b) Contour plot of the loaded X-joint

Figure 4.29: Numerical global model of the automatically welded tubular X-joints

principle stress σ1 or the minimum principle stresses (negative, compressive stress in
case of the X-joints) computed as third principle stress σ3 can be evaluated separately.
Therefore, to enable a combined minimum and maximum principle stress analysis that
can be stored together with the corresponding contour plot, a new equivalent stress σ1,3

was defined according to Equation (4.2) and implemented in the ANSYS post processing,
which represents the absolute maximum principle stress.

σ1,3 =

σ1 for |σ1| ≥ |σ3|,
σ3 for |σ3| > |σ1|.

(4.2)

The stress distribution of the axially loaded X-joint considering the absolute maximum
principal stress σ1,3 is given in Figure 4.29 (b).

156



4.6 Computation of real notch stresses

Numerical submodels

The volumes of the idealized submodels, which serve as the basis for the numerical
modeling process of the digital twins, are created from the global numerical models
by extracting the required sector covering the hot spot of the modeled chord-brace
intersection as shown in Figure 4.30 using cutting planes. For the automatically welded
X-joints the obtained submodels cover the respective hot spots (HS 100◦ and 260◦)
considering a sector of ±10.75◦ around the numerically predicted hot spot given in
Section 5.4. Since the digital twins of the manually welded X-joints are enlarged due
to the more imprecise prediction of the exact hot spot location(s), the corresponding
idealized submodels cover a sector of ±19.5◦ around the hot spot of IWES A and ±12.0◦

for IWES B, respectively. The widths of the submodels given as degree values refer to
the angular coordinate of the brace circumference ζ.

Sa
dd

le

Figure 4.30: Extraction of numerical submodels from the global model of the X-joints
with the saddle point belonging to ζ = 90◦ or 270◦

The obtained volumetric bodies of the idealized submodells are then used as basis for
the modeling of the digital twins representing the real weld geometry at the hot spot
locations by replacing the idealized weld geometry with the measured 3D surfaces of
the weld, which is explained in Section 4.6.4. However, to do so, the 3D surfaces have
to be prepared first, which is given in Section 4.6.3.
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4.6.2 Determination of the constant a for application of the IGM

The practical application of the IGM in ANSYS for the computation of the fatigue
effective stress σf was realized in accordance with the recommendation given by Lang
(2015) by solving a transient heat conduction equation considering maximum principle
stresses as initial conditions instead of temperatures, compare Equation (4.3) as derived
in Section 2.2.3. This procedure requires the prior determination of the constant a
as input parameter, which is only valid for the corresponding numerical models to be
analyzed. According to Lang (2015) the constant a is depending on the geometry and
the loading yielding a = a(geometry, load).

σf (~x)− σK(~x)
∆t − a∇2σf (~x) = 0 (4.3)

In general, the constant a is calibrated for a certain numerical model by comparing
the fatigue effective stress σf,Neuber according to Neuber’s notch rounding approach
considering a fictitious notch radius of ρf = 1 mm (see Neuber (1985)) with the
corresponding IGM based fatigue effective stress σf,IGM(a) for an ideal sharp notch
(ρ = 0 mm). The required constant a is then varied within an iterative process until a
value of a is found which yields

σf,Neuber = σf,IGM(a). (4.4)

The corresponding calculation procedure was performed for both hot spots (HS 100◦

and HS 260◦) of five arbitrarily chosen single- and double-sided automatically welded
X-joints resulting in five iterative calculation processes for each of the four considered
hot spots. The implemented computation steps to determine the required value of
a for each hot spot are exemplarily outlined for one specific weld geometry in the
following. For a better understanding, an additional illustration of the procedure is
given in Figures 4.31 and 4.32. The iterative calculation procedure itself was validated
against results provided by Lang (2015) for a plane, notched specimen.
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Step 1

i = 1 i = 18

i = 18 profile cuts

∆ζ = 1◦

Geometrical analysis
⇒ θt,Bri , θt,Chi

Ideal submodel
based on cut i

1 mm

Step 2

Structural
mechanical

FE simulation

σf,Neuberi = σ1,3,Maxi

0 mm

Step 3

Structural
mechanical

FE simulation

σK,IGMi
=

 Node1i
σK,IGM1i

...
...

Nodeni σK,IGMni



Figure 4.31: First steps of the utilized procedure to calibrate the parameter a

Step 1:
Since the chord-brace intersection and hence the weld geometry of the tubular X-joints
is varying along the weld seam, which effects the value of a, the parameter a was
determined for in total i = 18 evenly distributed locations covering the width of the
hot spot with an incremental step of ∆ζ = 1◦ as shown in the upper box of Figure 4.31.
For each of the positions to be analyzed with respect to ai a 2D weld geometry profile
was cut throughout the 3D surface which was subsequently analyzed with respect to
the flank angles θt,Bri and θt,Chi . Based on these geometrical parameters an ideal 3D
submodel with a width equal to ∆ζ = 4◦ was created representing the weld geometry
profile obtained from cut i.
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Step 2:
As the second step, represented by the left path in Figure 4.31, the fatigue effective
stress σf,Neuberi was computed for each of the i = 18 generated submodels considering
the fictitious notch radius ρf = 1 mm. The obtained values of σf,Neuberi were then
stored to be used during the iterative computation of a performed as the fourth step of
the procedure.

Step 3:
The values of the notch stresses σK,IGMi

were then computed for each of the i = 18
submodels considering the actual ‘worst-case’ notch radius ρ = 0 mm according to
Radaj (1990). This third step is given by the right path in Figure 4.31. Since the
occurring sharp notches cause a singularity during the computation of σK,IGMi

, the size
of the mesh is an important factor. Lang et al. (2017) recommend a mesh size <

√
a

within the notch which was met during the numerical modeling process. The obtained
values of σK,IGMi

were then stored node-wise to be applied as initial conditions for the
pseudo transient heat conduction analysis given in step 4 of the procedure.

Step 4:
The fourth step of the calculation procedure is summarized in Figure 4.32. The fatigue
effective notch stresses according to the IGM σf,IGMi

were calculated for each of the
i = 18 submodels by solving the pseudo transient heat conduction problem for the
time step ∆t = 1 s considering the previously determined notch stresses σK,IGMi

as
initial conditions instead of temperatures. To ensure a successful application of the
notch stresses as initial conditions, the submodels utilized in step 3 and step 4 were
identical with regard to the meshing. Then, for the computation of each submodel i
the required constant aj was varied between aj=1 = 0.004 mm2 and aj=15 = 0.011 mm2

by ∆aj = 0.0005 mm2 to compute the fatigue effective notch stresses σf,IGM,i(aj). By
comparing the results between σf,Neuberi and σf,IGMi

(aj) considering Equation (4.4) the
appropriate value of constant ai was determined, if necessary by linear interpolation.
Finally, the resulting value of a for this considered surface scan was determined by
conservatively depicting the minimum value of the resultant vector ai.

In total, 810 numerical computations had to be performed for the iterative calibration
of constant a for one specific hot spot resulting in 16, 200 numerical simulations for
all four calculation series, with five analyzed hot spots each. From that database, the
applicable value of a was determined for HS 100◦ and HS 260◦ of both X-joint variants,
by conservatively depicting the minimum value of a for each of the four calculation
series. The obtained values of the constant a are summarized in Table 4.8. A detailed
overview about the computed results is given in Appendix C.1. A comparable procedure
was performed for both manually welded X-joints with Table 4.9 showing the obtained
values for a.
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0 mm

Transient heat
conduction analysisa =


aj=1 = 0.004
aj=2 = 0.0045

...
aj=15 = 0.011

 σK,IGMi

σf,IGMi
(aj) = ‘T ’Maxi

σf,IGMi
(aj)

≤ σf,Neuberi
σf,Neuberino
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Linear interpolation
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ino

Figure 4.32: Step 4 of the iterative procedure to calibrate the parameter a for the given
X-joints

For the automatically welded X-joints the obtained values for a are varying between
a = 0.0053 mm2 and a = 0.008 mm2 depending on the hot spot location and X-joint
variant. For the manually welded X-joints reduced values of a = 0.0029 mm2 for IWES
A and a = 0.0031 mm2 for IWES B were determined.
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Table 4.8: Considered values of constant a for the
computation of the automatically welded X-joints

a [mm2]
HS 100° 0.0080W/o in. weld
HS 260° 0.0063
HS 100° 0.0063W/ in. weld
HS 260° 0.0053

Table 4.9: Obtained values of a
for the manually welded X-joints

a [mm2]
IWES A 0.0029
IWES B 0.0031

A comparable value of a = 0.007 mm2 was determined by Lang et al. (2017) for a
cruciform joint. Askes et al. (2012) deduced a material parameter-based relationship
to determine the constant a as shown in Equation (2.16) of Section 2.2.3. For two
mild steels Askes et al. (2012) computed values of a = 0.026 mm2 and a = 0.063 mm2,
respectively, see also Lang et al. (2017). However, due to the dependency of constant a
on the geometry and the loading, Lang (2015) recommends a numerically determination
of a as described above.

4.6.3 Reverse engineering process

For the numerical modeling process of the submodels representing the real weld geometry
the previously aligned polygon mesh of the 3D surface (compare Section 4.2.2) obtained
from the ARAMIS measurement cannot be directly inserted, due to the representation
of the surface by an enormous number of 3D triangles. Since the transition between the
triangles is not tangentially constant (C1 continuity), the edges between the triangles
will cause various singularities within the structural mechanical finite element calculation.
Therefore, the triangulated 3D surface scans must be transferred into mathematically
describable NURBS surfaces, which approximate the triangulated surface considering
the required C1 continuity. This transferring process is generally known as Reverse
Engineering. A detailed mathematical background of NURBS-functions is given in
Piegl & Tiller (1997) and applications of the reverse engineering process using NURBS
are for example given in Beyer (2002), Donga (2004) and Lang (2015).

The reverse engineering process was performed by utilizing the CAD Software Rhinoceros
3D 5.0 combined with the corresponding reverse engineering plug-in RhinoResurf. Since
the size of the triangulated ARAMIS surfaces does not correspond to the required
surface size of the numerical submodels, Rhinoceros 3D was additionally used for
the trimming of the ARAMIS surfaces. The trimming was performed by applying
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the identical cutting planes that were previously used to extract the corresponding
submodels, see Section 4.6.1, to ensure a numerically perfect matching of both, the
NURBS-surface and the submodel. To ensure a proper numerical modeling process in
ANSYS inserting the NURBS surfaces, the trimming should be performed prior to the
reverse engineering process.

To obtain the best possible approximation of the measured ARAMIS surface, the
polygon mesh is not converted into one single NURBS surface, but into various smaller,
square shaped surface units called NURBS patches which are based on a predefined
curve network in RhinoResurf, see Figure 4.33 (a). The shape of the applied curve
network was developed in iterative parameter studies, for example performed in Früke
(2018) and Dänekas (2019), to obtain a NURBS approximation of the polygon mesh
with minimized deviation. By doing so, an error distribution with a mean value of
0.0 mm and a corresponding standard deviation of 0.005 mm could be reached, which
means that 98 % of the surface points have a deviation less then ±0.012 mm, see
Figure 4.33 (b). This value is equivalent compared to the error obtained during the
surface alignment in Section 4.2.2 and the applied reverse engineering procedure can
hence be seen as accurate for the application on the tubular X-joints.

(a) NURBS surface

[mm]

0.0

0.03

−0.03

(b) Target/actual comparison

Figure 4.33: NURBS surface (yellow) including the corresponding curve network (blue)
shown in (a) as well as target/actual comparison between the polygonized ARAMIS
surface and the corresponding NURBS surface in (b)

4.6.4 Model generation of digital weld seam twins

The digital twins of the hot spot locations were modeled by replacing the idealized weld
geometry of the submodels with the trimmed NURBS surfaces as shown in Figure 4.34
(a). The NURBS surfaces were therefore inserted as IGES files in ANSYS and new
volumes were generated. Since the used submodels are based on the ideal global model
of the X-joint, the previously defined linear elastic material parameters according to
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Table 4.7 are still valid. To ensure an accurate representation of the real weld geometry,
structural mechanical tetrahedral elements with quadratic shape functions including
intermediate nodes (Solid187) were used for the structural mechanical computation of
the notch stresses σK . To ensure a converged mesh with respect to σK , the meshing
was performed by applying an adaptive mesh refinement algorithm (see Figure 4.34
(b)) considering a permissible error for the step-wise notch stress change of about 1 %.
The thus generated mesh in addition met the size requirements proposed by Lang et al.
(2017), see Section 4.6.2. The computed linear elastic notch stresses σK = σ1,3 were
finally stored node-wise with the values of the intermediate nodes being interpolated.

(a) Inserted NURBS surface (b) Adaptively generated mesh

Figure 4.34: Numerical modeling with inserted NURBS surface and finalized mesh after
application of adaptive meshing

For the computation of the fatigue effective notch stress σf the IGM according to the
application proposed by Lang et al. (2017) was utilized. The practical application was
comparable to the one described in step 4 of Section 4.6.2. Again, for the calculation
of σf the pseudo transient heat conduction problem had to be solved considering the
previously determined values of constant a.

The previously computed notch stresses σK were applied node-wise as initial conditions,
which requires an identical meshing for both models. This requirement was met, by only
redefining the element type of the submodel together with the corresponding material
parameter and boundary conditions instead of recreating and hence remeshing the
full submodel. To solve the transient heat conduction problem thermal tetrahedral
elements with quadratic shape functions including intermediate nodes (Solid87) were
used considering the constant a as the required heat conduction parameter. Neumann
boundary conditions ∂σf (n)

∂~n
= 0 were applied to the edges of the model. The values

of the fatigue effective notch stress σf were then obtained node-wise as the resulting
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‘temperatures’ after computing a time step of ∆t = 1 s, as this was the reference time
step for the calibration of the parameter a.

The final submodel representing the real weld geometry of HS 100◦ of X-joint W.ID 262
is shown in Figure 4.35 as contour plot of both σK and σf .

−3.3 5.7 14.6

σK [N/mm2]

(a) HS 100◦ - σK

−3.0 4.1 11.1

σf [N/mm2]

(b) HS 100◦ - σf

Figure 4.35: Typical contour plots of the digital weld seam twins for HS 100◦ of W.ID 262

4.6.5 Post processing acquisition of real notch stresses

For the characterization of the tubular X-joints’ weld geometry regarding the (fatigue
effective) notch stresses σK and σf , the evolution of the corresponding surface values
along the weld toe is of major interest. Due to the non-straight course of the real weld
notches, the evolution of σK and σf cannot be determined conventionally in ANSYS
using evaluation paths.

To acquire the (fatigue effective) notch stress evolution along the weld toes a clustering
algorithm was developed and implemented in the post processing of the digital twins.
The applied clustering algorithm is based on a number of bins, that depend on the width
of the considered section of the real weld seams with each bin covering a ∆ζ = 0.1◦

sector of the submodel section. The procedure of the clustering algorithm is explained
in the following:

1. Only the surface values of the (fatigue effective) notch stresses are selected together
with the corresponding node coordinates from the previously stored lists of all σK
and σf values.
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2. The corresponding angular coordinate ζ is computed and stored for each of the
selected node numbers.

3. Depending on the respective coordinate ζ of each node, the associated values of
σK or σf are sorted into the appropriate bin.

4. Finally, the data for each bin is sorted in descending order so that the maximum
value of the (fatigue effective) surface stress is ranked first in each bin.

Knowing the analyzed numerical models only have one fatigue critical notch, the first
values of each bin represent the real notch stresses of the corresponding angles. These
values can hence be used to describe the evolution of the (fatigue effective) notch stress
along the weld toe.

4.6.6 Real notch stress evolutions of automatically welded X-joints

In this section the previously developed methodology is applied to compute and subse-
quently analyze the real evolutions of σK and σf within the hot spots of the automatically
welded tubular X-joints. Afterwards, the four previously determined geometric param-
eter evolutions given in Section 4.5.1 are compared to the corresponding real notch
stresses, to obtain information about correlation tendencies between these parameters.
Finally, the locations of the maximum fatigue effective stresses are exemplarily compared
with the crack initiation locations of two corresponding fatigue tests.

Analysis of real notch stress evolutions

The evolution of the real notch stresses σK and σf has been computed for both hot
spots of the previously analyzed 13 single- and 13 double-sided automatically welded
X-joints. The outcomes of this numerical analysis are exemplarily shown for X-joint
W.ID 249 (single-sided welding) in Figure 4.36 and for X-joint W.ID 262 (double-sided
welding) in Figure 4.37. The real notch stress evolutions not shown in Figures 4.36
and 4.37 are illustrated in Appendix C.2. The corresponding statistical evaluation is
given in Tables 4.10 and 4.11.
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(f) Stress evolution of HS 260◦

Figure 4.36: Evolution of σK and σf along the hot spots’ weld toes of W.ID 249
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Figure 4.37: Evolution of σK and σf along the hot spots’ weld toes of W.ID 262
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Table 4.10: Statistical evaluation of the real notch stresses σK and σf for the single-sided
automatically welded X-joints

σK,Max σ̄K sσK
σf,Max σ̄f sσfW.ID HS

[N/mm2] [N/mm2] [N/mm2] [N/mm2] [N/mm2] [N/mm2]
100°∗ 16.58 12.68 1.53 12.26 10.43 0.79163
260° 14.63 13.18 0.69 11.32 10.77 0.34
100° 12.90 11.40 0.64 10.59 9.79 0.39164
260° 13.26 11.04 0.87 10.54 9.54 0.49
100° 14.55 11.83 1.06 11.17 9.89 0.59169
260° 15.65 13.48 1.03 11.86 10.96 0.52
100° 16.43 14.25 0.86 11.85 11.09 0.38170
260° 17.25 15.28 0.77 12.76 12.07 0.42
100° 14.60 12.59 0.90 11.17 10.24 0.46229
260° 14.36 12.40 0.78 10.93 10.10 0.38
100° 12.78 11.55 0.58 10.30 9.72 0.32230
260° 14.52 13.43 0.58 11.38 10.89 0.33
100° 13.39 11.46 0.73 10.59 9.70 0.38231
260° 16.19 13.73 0.90 12.35 11.20 0.51
100°∗ 20.16 12.65 1.85 13.17 10.31 0.82234
260° 16.19 12.82 1.11 12.10 10.76 0.68
100°∗ 17.13 12.84 1.41 12.03 10.41 0.64239
260°∗∗

100° 13.42 11.46 0.86 10.76 9.65 0.51242
260° 14.59 12.80 0.62 11.62 10.78 0.32
100° 12.98 11.36 0.64 10.26 9.68 0.30248
260° 14.92 12.62 0.68 11.82 10.72 0.36
100° 12.61 11.19 0.69 10.36 9.58 0.38249
260° 14.56 13.27 0.67 11.51 10.85 0.39
100° 11.82 9.68 0.70 9.51 8.52 0.43251
260°∗ 15.87 12.15 1.45 12.24 10.11 0.82

** Weld seam irregularity
** Measurement abortion

The contour plots representing the real evolutions of σK and σf for both hot spots of
W.ID 249 and W.ID 262 clearly show a significantly larger stress evolution within the
chord-sided notches compared to the brace-sided notches not depending on the X-joint
variation or hot spot. The analyzed hot spots of the automatically welded X-joints are
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Table 4.11: Statistical evaluation of the real notch stresses σK and σf for the double-sided
automatically welded X-joints

σK,Max σ̄K sσK
σf,Max σ̄f sσfW.ID HS

[N/mm2] [N/mm2] [N/mm2] [N/mm2] [N/mm2] [N/mm2]
100° 12.42 10.69 0.73 10.45 9.39 0.51254
260° 15.53 12.35 0.81 12.00 10.35 0.48
100° 12.05 10.99 0.46 10.02 9.58 0.36255
260° 16.17 13.28 1.28 12.53 10.96 0.69
100° 11.94 9.73 0.74 10.05 8.73 0.52256
260° 15.79 13.31 0.73 12.08 11.06 0.38
100° 14.25 12.19 1.02 11.56 10.36 0.62257
260° 11.40 10.13 0.63 9.54 8.84 0.39
100° 11.53 10.22 0.63 9.87 9.07 0.44258
260° 12.27 11.25 0.53 10.18 9.64 0.31
100° 13.62 11.38 0.75 11.17 9.93 0.42262
260° 12.42 11.06 0.69 10.23 9.59 0.44
100° 12.57 10.78 0.75 10.46 9.56 0.49264
260° 14.46 12.30 1.11 11.81 10.52 0.73
100°∗ 19.51 11.86 2.47 13.35 9.81 1.37265
260°∗∗

100° 13.02 11.09 0.76 10.55 9.49 0.47301
260° 14.45 12.66 0.64 11.23 10.52 0.38
100° 11.19 10.36 0.47 9.71 9.25 0.27307
260° 15.08 12.75 0.74 11.51 10.69 0.41
100° 13.54 11.00 1.20 11.01 9.60 0.74316
260° 14.17 12.46 0.62 11.41 10.70 0.35
100°∗ 18.77 12.25 1.82 12.77 10.27 0.87317
260° 13.85 11.58 0.76 11.14 9.86 0.45
100° 13.57 10.96 0.87 10.69 9.40 0.50318
260° 13.14 11.67 1.05 11.09 10.16 0.71

** Weld seam irregularity
** Measurement abortion

characterized by a uniform notch stress evolution for σK and σf along the chord-sided
notch due to the uniform weld geometry. Comparing the mean values of σK and σf in
average, slightly reduced values were obtained for the double-sided welded X-joints.
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4.6 Computation of real notch stresses

Considering the linear elastic notch stress evolution per hot spot, the standard deviation
sσK varies between 0.58 N/mm2 and 1.11 N/mm2 for the single-sided welded X-joints and
between 0.46 N/mm2 and 1.28 N/mm2 for the double-sided welded specimen.

In contrast, the standard deviation sσf , characterizing the fatigue effective notch stress
evolution, is reduced due to the application of the IGM which mitigates the stress
peaks. The values are varying between 0.30 N/mm2 and 0.59 N/mm2 for the single-sided
welded X-joints and between 0.27 N/mm2 and 0.74 N/mm2 for the double-sided welded
specimen. A direct effect of the inner root layer on the scattering of σK and σf could
not be observed. Comparable values for the standard deviation of the real notch stress
evolutions have been obtained by Hou (2007) for a cruciform joint. However, 6 X-joints
showed irregularities of the weld seam geometry located within the considered hot spot
area, that are marked with a ∗ in Tables 4.10 and 4.11. These irregularities caused
increased notch stresses (compare Figure 4.39), which led to much greater scattering of
the notch stresses.

Considering the maximum values for both, σK and σf , no influence of the hot spot
location (HS 100◦ or HS 260◦) on the computed stresses could be detected since the
maximum values per X-joint were computed for both hot spots without any regularity.
For a better overview, the maximum fatigue effective stress per X-joint is underlined in
Tables 4.10 and 4.11. Additionally, no effect of the hot spot position on the scattering
of σK and σf could be determined.

Correlation tendencies between weld geometry parameter and real notch stresses

Since the values of the calculated real notch stresses are affected not only by the
global geometry of the structure and the stiffness distribution but also by the local
geometry evolution of the weld seam, the four evolutions of ρCh and θt,Ch, which were
determined in Section 4.5.1, were compared to the corresponding real notch stresses σK
and σf to obtain tendentious information about correlations between these parameters.
The corresponding comparison is exemplarily shown in Figure 4.38 for W.ID 254 and
W.ID 301.

For both shown hot spots in Figure 4.38, a clear correlation between the notch stresses
and the geometrical parameters cannot be given due to the uniform evolution of all four
shown parameters along the weld toes. Considering the ranges between ζ = 100◦ and
ζ = 103◦ for W.ID 254 as well as ζ = 265◦ and ζ = 268◦ for W.ID 301, the increase in
stress can be correlated with the decreasing notch radius combined with the increasing
flank angle. This particular behavior of both geometrical parameters sharpens the notch
and therefore causes a slightly increased notch stress.
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Figure 4.38: Correlation between weld geometry parameters ρ and θt and the real notch
stress evolutions

Moreover, when comparing the mean notch radii of the shown hot spots ( ¯ρCh = 1.10 mm
for W.ID 254 and ¯ρCh = 0.52 mm for W.ID 301 according to Table 4.3), a correlation
to the mean values of the notch stresses can be seen. The larger notch radii along
the weld toe of W.ID 254 cause a milder notch and hence decreased notch stresses
compared to the values of W.ID 301. However, a direct effect of a locally increased
notch radius, as occurring at ζ = 95◦ of W.ID 254, on the resulting notch stresses cannot
be observed. The correlation was also performed for W.ID 229 and W.ID 264, whose
geometrical parameters were also analyzed in Section 4.5.1. For these two X-joints no
correlation between the computed notch stresses and the geometrical parameters could
be determined due to their uniform evolutions.
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4.6 Computation of real notch stresses

When comparing the notch stresses and geometrical parameters for an irregularity of
the weld seam geometry as shown on the left of Figure 4.39 a strong correlation between
the notch stress evolution and especially the flank angles is given, see Figure 4.39, right.
Here, the weld seam irregularity causes a locally occurring steeper weld flank and hence
increased flank angles of about θt,Ch = 55◦ resulting in larger notch stresses. Compared
with the evolution of the flank angles θt,Ch obtained along the undisturbed weld as
shown in Figures 4.18 and 4.28, these increased flank angles and thus the weld seam
irregularity can be identified as outliers.
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Figure 4.39: Correlation between the weld geometry parameters characterizing the weld
seam irregularity shown on the left and the effected real notch stress evolutions along
HS 100◦ of W.ID 234

Considering the notch radius evolution along the weld seam irregularity, a correlation
between the increased notch stresses and the decreasing values for ρCh can be observed
as well. However, due to the larger scattering within the notch radius evolutions along
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the welds as shown in Figures 4.16 and 4.28, the decreased notch radii in Figure 4.39,
right, cannot be treated as outliers and are therefore not suitable to identify the weld
seam irregularity.

Focusing on the weld seam irregularity, the performed comparison indicates the local
values of the flank angle θt tend to correlate more clearly to the corresponding notch
stresses when compared to a correlation considering the notch radii ρ. Besides the
different scatters of the weld geometry parameters, a reason for that can be seen in
the utilized evaluation algorithm to determine the geometrical parameters of the weld.
Considering the applied algorithm to determine θt and ρ as explained in Section 4.3,
it is obvious that both parameters are computed on behalf of approximations. θt is
therefore based on the linear approximations of the weld flank and the tubes and ρ
is calculated on behalf of a circular approximation of the notches. For the considered
automatically welded X-joints the required linear approximations to determine θt match
well with the obtained profile of the weld geometry as shown in Figure 4.11. However,
with regard to the notch radii, it is questionable how representative the notch shape,
which may be elliptical or V-like, can be evaluated with respect to the impact on the
fatigue effective notch stresses by applying the state of the art procedure according to
Schubnell et al. (2018) using a circular approximation.

For the four robot-fabricated welds analyzed in this section, no clear and statistically
validated correlation between the geometrical parameters and the resulting notch stresses
can be determined due to the uniform evolution of all parameters and the low data
set. Regarding the impact of a weld seam irregularity on the resulting notch stresses,
the flank angles θt tend to be better suited for the identification of the irregularity due
to the significantly lower scatter compared to the notch radii. However, since these
tendencies were only determined on the basis of one weld seam irregularity, further
analyses of robot-welded (tubular) joints with defined irregularities are required to
obtain statistically validated correlations. Additionally, with regard to an industrial
application including an automated quality assurance, this opportunity to identify
weld seam irregularities must be verified separately and, if required, adapted to the
achievable production quality.

Comparison of predicted crack locations to fatigue test data

According to the application of the IGM proposed by Lang et al. (2017), the computed
real fatigue effective notch stresses σf can be used as input parameter for the fatigue
assessment based on the NSA. For this reason, the fatigue effective notch stresses, which
are equal to the fatigue notch factor Kf for the considered X-joints due to the applied
nominal stress equal to unity, are meant to be suitable for the estimation of the crack
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initiation location within the hot spots of the X-joints. To evaluate this assumption,
Table 4.12 compares the hot spots experiencing maximum fatigue effective stress to the
results of the performed fatigue tests. For a better overview, the matching hot spots
have been written in green.

Table 4.12: Comparison of the numerically estimated crack initiation locations with the
failed hot spots during testing. The matching hot spots have been written in green

W.ID Applied nominal
stress range

∆σN,o [N/mm2]

Failed HS during
fatigue testing

Numerically
predicted HS to

fail
163 60.37 HS 260° HS 100°
164 60.37 HS 260° HS 100°
230 60.37 HS 100° HS 260°
239 60.37 HS 260° -
242 60.37 HS 260° HS 260°
251 55.73 HS 260° HS 260°
170 43.03 HS 100° HS 260°
169 41.33 HS 100° HS 260°
229 41.33 HS 260° HS 100°
231 41.33 HS 260° HS 260°
234 41.33 HS 260° HS 100°
249 41.33 HS 260° HS 260°
248 39.47 HS 260° HS 260°
256 60.37 HS 260° HS 260°
256 60.37 HS 100° HS 100°
307 60.37 HS 260° HS 260°
316 60.37 HS 260° HS 260°
317 60.37 HS 100° HS 100°
264 55.73 HS 260° HS 260°
318 43.03 HS 260° HS 260°
255 41.33 HS 100° HS 260°
258 41.33 HS 260° HS 260°
262 41.33 HS 100° HS 100°
265 41.33 HS 100° -
301 41.33 HS 100° HS 260°
254 39.47 HS 260° HS 260°
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4.6 Computation of real notch stresses

The hot spots of in total 26 X-joints have been analyzed numerically whereby the
decisive hot spot could be determined correctly for 15 X-joints. It is noticeable that
there were only 5 matches for the X-joints welded from the outside and 10 matches
for the double-sided welded X-joints. A dependence of the prediction quality on the
applied load magnitude, as reported by Collmann (2021) for butt-welded specimens,
could not be determined.

A reason for the differences between the test results and the numerically determined
crack locations can be seen in the comparatively large variations of the brace tube wall
thicknesses with more than ±1 mm compared to the nominal values of t = 8.8 mm, see
Figure 3.2 of Section 3.2.2. As these deviations varied over both the circumference of
the tubes and over the length, they were not accounted for in the numerical models due
to a lack of 3D surface data of the global geometries of the X-joints. For the numerical
modeling process of the digital twins as well as the application of the submodeling
technique, the brace wall thickness was assumed to be equal to the nominal value
t = 8.8 mm in each case. For an improved numerical representation of the hot spots, a
digital twin of the global X-joint including the 3D measured real brace tubes should be
modeled by using the reverse engineering procedure. By doing so, the locally acting
nominal stresses, which may then differ from the globally applied value of 1 N/mm2, can
be taken into account for the computation of the fatigue effective stress σf . In that case,
the local numeric value of σf would potentially differ from the fatigue notch factor Kf .

Considering the differences of the crack location prediction quality between the single-
and double-sided welded X-Joints, the tolerances of the wall thicknesses must again be
considered as one reason. The effect of the inner welding on the stress distribution is
another aspect to consider, since the root weld might mitigate the effect of the local
nominal stress variations. To investigate the effect of the inner weld on the real nominal
stresses in further research, the digital twin of the global model should be extended by
the real 3D scanned inner weld.

The limitations of the numerical models should also be taken into account when thinking
about the differences between the numerical model and the fatigue test results. Within
the numerical models, the geometric notch effect is determined by computing the
decisive σ1,3 distribution considering perfect linear elastic material behavior without
considering the effect of residual stresses. Since the welded X-joints are component-like
specimens, moderately high residual stresses can be assumed to occur according to
Kuhlmann et al. (2014), which will have an affect on the fatigue behavior of the X-joints.
The numerical model is also not considering the metallurgical notch effect.

Collmann (2021) describes an increasing dominance of the geometric over the metallur-
gical notch effect as the fatigue notch factor increases. Compared to the butt-welded
specimen she investigated, the tubular X-joints show considerably increased stresses, so
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4.6 Computation of real notch stresses

a large dominance of the geometric notch effect can be assumed for the tubular X-joints.
To exemplarily corroborate this theory, the local notch stress maxima of two hot spots
were compared to the corresponding results of the optical damage measurements using
ARAMIS in Figure 4.40.
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Figure 4.40: Comparison of measured fatigue damage induced strain hot spots with the
corresponding maximum notch stresses

The comparison of the fatigue effective notch stress maxima with the locations of crack
initiation shows a good agreement for both hot spots. Within the stress evolution of
HS 100◦ of W.ID 262 (see Figure 4.40 (a)) only one specific maxima at ζ = 96◦ can
be seen, which correlates well to the location of crack initiation visualized within the
ARAMIS measurement. For HS 260◦ of W.ID 249 three fatigue effective stress maxima
with similar values can be seen that can be well correlated to the three locations of
crack initiation within the corresponding ARAMIS plot.

By comparing the locations of the maximum notch stress with the crack initiation
location, it could be exemplarily shown for the analyzed X-joints that the developed
procedure for the computation of the real notch stresses enabled the prediction of the
exact crack initiation location within the hot spots. However, for a reliable prediction
of the decisive hot spots an extension of the numerical models is required. With regard
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to the deviations of the tubes used for the construction of the tested X-joints, the focus
should be on the consideration of the real global geometry using digital twins.

4.6.7 Real notch stress evolution of manually welded X-joints

Besides the automatically welded X-joints, the real notch stress evolutions were also
computed for the scanned hot spots of the manually welded X-joints IWES A and
IWES B. An overview about the numerical results for X-joint IWES B is given in
Figure 4.41 (a) - (c), whereby Figure 4.41 (d) shows a correlation between the determined
weld geometry parameters according to Section 4.5.3 and the computed notch stress
evolutions. The real notch stress evolutions obtained for X-joint IWES A are given
in Appendix C.2. Additionally, the corresponding statistical evaluation is given in
Table 4.13 for both manually welded X-joints.

Table 4.13: Statistical evaluation of the real notch stresses σK and σf for the manually
welded X-joints IWES A and IWES B

σK,Max σ̄K sσK
σf,Max σ̄f sσfX-joint HS

[N/mm2] [N/mm2] [N/mm2] [N/mm2] [N/mm2] [N/mm2]
IWES A 100° 15.81 9.76 1.75 12.62 8.88 1.35
IWES B 260° 18.84 13.64 1.86 14.46 11.93 1.10

Although the manually welded X-joints have comparatively sharp notches between the
base material of the brace and the weld as well as between the individual weld beads,
the fatigue-critical notch is again determined as the chord-sided notch, which aligns
with the outcomes published by Kuhlmann et al. (2020) for manually welded K-joints.
The notch stress evolution is characterized by a rippled shape that suites well to the
rippled shape of the manually produced weld geometry, which is for example shown in
Figure 4.6.
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Figure 4.41: Evolution of σK and σf along HS 260◦ of X-joint IWES B in (a)-(c) and
correlation between ρCh and θt,Ch as well as σK and σf in (d)
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Furthermore, the notch stress evolution can partly be correlated with the distributions
of the notch radius ρCh and the flank angle θt,Ch as shown in Figure 4.41 (d). For
example, when having a look at position ζ = 258.4◦ or ζ = 261.3◦ the small notch
radius correlates good with the steeper flank angle resulting in larger notch stresses. On
the other hand, at ζ = 259.5◦ a medium notch radius combined with a medium-sized
flank angle leads to large notch stresses as well. To obtain a complete and statistically
validated correlation, further research is required on a number of manually welded
tubular joints taking additionally into account the effect of height and width of the
weld.

The standard deviation of the linear elastic notch stress evolution σK of X-joint IWES A
is equal to sσK = 1.75 N/mm2 and for the fatigue effective notch stress the standard
deviation yields sσf = 1.35 N/mm2, see Table 4.13. For X-joint IWES B the standard
deviation of σK is determined as sσK = 1.86 N/mm2 and sσf is equal to 1.10 N/mm2. The
mitigating effect of the IGM application on the stress evolution can be also seen for the
manually welded X-joints, since the scatter of the fatigue effective stress evolution is
reduced compared to the scattering of the linear elastic notch stress.

4.6.8 Comparison of stress evolutions of automatically and manually
welded tubular X-joints

The comparison of the (fatigue effective) notch stress evolutions between the automat-
ically and manually welded X-joints was performed on behalf of standardized values
rather than absolute notch stresses, since the absolute maximum notch stresses strongly
depend on the global shape of the weld. Therefore, it is not targeted to compare the
absolute maximum values, as these values can be adjusted by modifying the global
shape of the automatically fabricated weld as shown in Section 5.7.

Comparing the standardized notch stress distributions as done in Figure 4.42, a similar
behavior can be seen compared to the analysis of the weld geometry parameters and in
particular the evolution of the flank angles as given in Figure 4.27. The notch stress
evolutions determined for the automatically welded X-joints scatter significantly less
than the values computed for the manually welded X-joints due to the uniform shape
of the automatically fabricated weld geometry. The corresponding standard deviations
sσK and sσf of the robot-welded tubular X-joints are reduced by a factor of about 2.5
compared to the values obtained for the manually welded X-joints, see Tables 4.10, 4.11
and 4.13.
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Figure 4.42: Related notch stress evolution for the automatically and manually welded
X-joints

This lower scattering applies to almost all 26 analyzed robot-welded X-joints as repre-
sented by the box plots in Figure 4.43 with small interquartile ranges and short whiskers,
that were computed for the 100◦ hot spots of both X-joint configurations. Similar
results were obtained for the 260◦ hot spots as given in Appendix C.3. In contrast,
the box plots are significantly enlarged for the manually welded X-joints due to the
increased scatter of the resulting notch stresses.

Besides the low scattering within the individual notch stress evolutions, Figure 4.43
also represents the high welding process stability achieved over the entire test series
of the robot-welded X-joints in terms of fatigue effective notch stresses. In contrast
to the outcomes of the two manually welded X-joints, the box plots of the analyzed
26 automatically welded ones (neglecting the results for the weld seam irregularities)
are located within a comparatively narrow scatter band due to the highly reproduced
weld geometry achieved over the entire test series, see Section 4.4. At this stage, it is
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Figure 4.43: Boxplots of the fatigue effective notch stress evolutions along the HS 100◦
of the robot-welded X-joints as well as for the results of the two manually welded
specimens

recommended to analyze further manually welded tubular joints in future research to
obtain a statistically more reliable representation as well.

With respect to the obtained fatigue strength of the automatically welded tubular
X-joints, this small scatter of the real fatigue effective notch stress evolutions along the
weld toes and over the entire test series has a positive effect on the characteristic value
∆σC of the resulting S-N curves. Due to the uniform weld, the real stress concentrations
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occurring during the fatigue tests scatter significantly less around the idealized SCF or
Kf values used for the determination of the applied stress ranges, which is beneficial
with regard to the scatter of the obtained fatigue test results and hence the characteristic
values of the resulting design S-N curves.

The small standard deviations determined for the performed fatigue tests can largely
be assigned to the uniform distribution of the fatigue effective notch stresses and thus
directly to the uniform and reproducible weld geometry of the robot-welded X-joints.
For sake of completeness, there are further factors influencing the results and the scatter
of the fatigue tests, such as the distributions of the microstructure and residual stresses,
the global geometry of the tubular joints, as well as random environmental impacts
occurring during the fatigue test.

Additionally, for the 6 X-joints investigated with regard to notch stress and weld
geometry parameter evolutions, a tendential correlation between the scatter of the flank
angle and notch stress evolutions can be seen. The statistical evaluation, summarized
in Table 4.14, indicates that the scatter of flank angle evolutions can be seen as an
indicator to qualitatively evaluate the scatter of the resulting notch stresses.

Table 4.14: Standard deviations of the weld geometry parameter and real notch stress
evolutions determined for the automatically and manually welded X-joints

Automatically welded Manually welded
W.ID
229

W.ID
254

W.ID
264

W.ID
301

IWES
A

IWES
B

sρCh
[mm] 0.19 0.29 0.41 0.11 0.91 0.36

sθt,Ch
[°] 1.55 1.40 1.52 1.36 13.15 15.31

sσK
[N/mm2] 0.90 0.73 0.75 0.64 1.75 1.86

sσf
[N/mm2] 0.46 0.51 0.49 0.38 1.35 1.10

For the manually welded X-joints the significantly increased standard deviation sθt,Ch
results in enlarged scatter of the corresponding notch stresses compared to the outcomes
of the robot-welded X-joints. This qualitative relation does not apply to the evolution
of the notch radii, since the values of sρCh are in the same range for the automatically
and manually welded X-joints. However, a quantitative conclusion about the scattering
of the resulting notch stresses based on the determined flank angles could not be given
in this thesis due to the small data basis and the various impacts on the notch stress
evolution such as the exact shape of the notch. For a generally valid transferability of
these findings to differently welded tubular joints, further analyses of various tubular
joints are required to increase the database, which have not been performed in scope of
this thesis.
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In addition, no direct correlation between the geometric parameters and the absolute
values of the calculated notch stresses could be identified from the investigations carried
out, since the absolute stresses depend not only on the flank angles and the notch
radii but also significantly on the global shape of the weld. To determine possible
correlations between the different influencing factors and the notch stresses, further
parameter studies on idealized models and realistic digital twins are required.

4.7 Critical discussion

3D surface scanning methods

The investigations in Section 4.2.4 showed that the spatial resolution of the applied
scanning method combined with the scanning technique is essential for the outcomes
of the geometrical analysis of the weld geometry. For the size of the notch radii to be
recorded, the existing spatial resolution of the laser scanner used after welding has been
proven to be too low to capture the notch radii accurately. The required filtering of the
laser scanning raw data smoothed the chord-sided notch resulting in too large notch
radii. In contrast, the point clouds obtained by the ARAMIS and ATOS systems are
based on several high-resolution data sets which are averaged to reduce the noise to
an acceptable level when calculating the final 3D surfaces leading to a more accurate
depiction of the surface.

In general, the laser scanning method is also applicable to obtain filtered profiles of the
welded connection that are suitable to accurately determine the notch radii, however,
the spatial resolution should be verified in advance.

Evaluation of weld geometry parameters

The evaluation of the weld geometry parameters ρ and θt described in Section 4.3 for
the automatically fabricated welds of both the X-joints and the real-scaled mock-up is
based on several approximations such as the linear approximation of the weld flank or
the circular approximation of the notches. Since the weld geometry of the manually
welded X-joints is in contrast characterized by individual weld seam beads including
notches in between, the evaluation algorithm of θt differed, see Section 4.5.3. The choice
of which algorithm is the most suitable depends on a subjective evaluation of the weld
seam geometry. The same applies to the selection of the database to compute the linear
approximations, which are the basis to calculate the flank angles and the notch radii.
Consequently, to evaluate the weld seam geometry more objectively, for example as
an additional quality assurance, standardized specifications for the applied scanning
method and for the algorithm to be used are required.
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Numerical application of the IGM

By numerically calculating the real linear elastic notch stresses σK of the X-joints
based on the digital twins, the evaluation of the notches can be decoupled from the
subjective influence of the geometric parameters which are required to create idealized
numerical models. However, this is not true for the computation of the real fatigue
effective notch stresses σf applying the IGM. The application of the IGM requires
an additional analysis of the weld geometry parameters to create idealized numerical
models, which are then used to calibrate the parameter a on behalf of fatigue effective
stresses according to the notch stress approach proposed by Neuber (1985) and Radaj
(1990). By doing so, an enormous computing effort with more than 16,200 simulations
must be done, which leads to a very time-consuming and complex application of the
IGM.

Evaluated real notch stresses

As shown in Section 4.6.6, the developed numerical procedure using digital twins was
suitable to characterize the weld geometries of the automatically and manually welded
X-joints with respect to the real fatigue effective notch stress evolutions along the weld
toes. When comparing the real notch stresses of the automatically and the manually
welded X-joints, a single layer weld geometry is compared with a multi-layer weld. Due
to the known characteristic of the real-scaled automatically welded mock-up, which
shows a similar characteristic to the automatically welded X-joints, combined with the
known process stability this comparison seems to be feasible. Nevertheless, a comparison
of the weld geometry characteristics of automatically and manually welded real-scaled
tubular joints should additionally be performed in future investigations.

The fatigue-critical hot spots of the robot-welded X-joints predicted on the basis of the
maximum fatigue effective stresses coincided in 63 % of cases with the hot spots that
failed during the experimental testing. This relatively low prediction rate can be traced
back to the limits of the used linear elastic numerical models. Besides a consideration
of residual stresses and metallurgical notch effects, especially the varying deviations of
the wall thickness along the brace tubes will have an influence on the predictability of
the failed hot spots. To take this geometric difference into account, the global model of
the X-joint should be a digital twin as well rather than an ideal numerical model.
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4.8 Findings

Within this chapter, the typical weld geometry of the automatically welded X-joints
was characterized with respect to the geometrical parameters and real notch stress
distributions. Therefore, weld geometry profiles representing the saddle positions of
both the single- and double-sided automatically welded X-joints were investigated
to determine the statistical distribution of the notch radii ρ and the flank angles θt.
Moreover, the evolution of these geometrical parameters was determined along the weld
toe to statistically describe the welding process stability along the weld in terms of the
weld geometry. The results were then compared to the corresponding values of two
manually welded X-joints. Additionally, an extensive numerical computation procedure
based on the IGM was developed to compute real notch stress evolutions along the hot
spots of the X-joints using digital twins. By applying the developed procedure, the real
(fatigue effective) notch stress evolutions were computed for the robot-welded X-joints
and the results were compared to the corresponding values obtained for two manually
welded tubular X-joints.

In the following, the main results of the objectives dealt with in this chapter are sum-
marized and evaluated:

Weld geometry characteristics of the automatically welded X-joints

The notch radii ρ and flank angles θt were evaluated on behalf of weld geometry profiles
obtained from both saddle positions of 13 single- and 13 double-sided automatically
welded X-joints. The results of these analyses do not indicate a significant influence
of the inner welding on the outside weld geometry parameters, since almost identical
statistical results were obtained for both X-joint variants. Furthermore, the statistical
evaluation confirms the optical impression of a highly reproducible weld geometry as the
scatter of ρ and θt determined for the 2× 26 saddle points is significantly lower than the
values given for comparable components in literature. In particular, with the knowledge
that the welding of the X-joints has been carried out in several production sequences
the low scatter of the weld geometry represents the high process stability and hence
reproducibility of the utilized automatically GMA welding procedure. However, since
the investigated X-joints were welded at a research facility, the distribution of the weld
geometry parameters should potentially be determined for industrially robot-welded
tubular joints as well.

Evolution of notch radius and flank angle along the weld

Besides the comparison of the weld geometry parameters obtained for the saddle
positions, the evolution of the notch radii and flank angles along the chord-sided
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weld toe was investigated for in total four hot spots. The corresponding statistical
evaluation of ρ and θt corresponds well with the results obtained over the production
series, whereby an even slightly reduced scattering of ρ and θt along the chord-sided
weld toe can be observed. The evolution of ρ and θt was additionally determined
for a real-scaled automatically welded mock-up, which included a multi-layer weld to
validate the geometrical characteristic of the analyzed single-layer welds. The statistical
evaluation of the weld geometry parameter evolutions along the real-scaled mock-up was
in good agreement with the corresponding parameters of the single-layer automatically
welded X-joints. However, as only one real-scaled mock-up was investigated in scope
of this thesis, further investigations on real-scaled mock-ups and tubular joints are
required to statistically confirm the obtained tendencies for multi-layer welds.

Finally, the characteristic of ρ and θt was determined for two hot spots of large-scaled,
manually welded X-joints to obtain reference values for the state of the art welding
procedure. While the statistical evaluation of the notch radii led to similar results
for the manually welded X-joints, the values for the flank angles were significantly
more scattered compared to the automatically fabricated welds. Therefore, the flank
angles θt were particularly suitable to characterize the differences between the analyzed
automatically and manually fabricated welds.

Numerical computation of real notch stresses

To not only characterize the weld geometries of the automatically welded X-joints with
respect to notch radius and flank angle, but also in terms of the real fatigue effective
notch stresses, a numerical computation procedure was developed, based on a digital
twin representation of the decisive hot spots. The digital twins were created by inserting
a 3D NURBS representation of the real weld geometry within idealized submodels. The
fatigue effective notch stresses were computed on behalf of the IGM according to Lang
et al. (2017). To obtain the real notch stress evolution along the fatigue-critical weld
toe, a clustering algorithm was developed which identifies the maximum stress values
along the notch of the digital twins.

In addition to the numerical evaluation of the weld seam geometries analyzed in scope
of this thesis, the developed procedure offers enormous advantages for further weld
geometry optimizations of automatically welded tubular joints. By computing the real
notch stresses, the results of individual optimization steps can be evaluated numerically
with regard to their effects on the real stress distribution and hence on the fatigue
performance. The weld seam geometry can then be optimized within an iterative process
based on the real notch stresses. An experimental verification of the optimizations
on behalf extensive fatigue tests then only has to be carried out at the end of the
optimization process.
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Real notch stress evolutions

Numerical analyses utilizing the developed digital twin representations of the fatigue-
critical hot spots were performed to further characterize the automatically fabricated
welds with respect to the linear elastic and fatigue effective notch stresses σK and σf .
The computed notch stress distributions clearly showed increased stresses within the
chord-sided notches compared to the brace-sided notches which is consistent with the
failed notches during the experimental testing. Considering the statistical evaluation of
the real notch stress evolutions, no significant effect of the inner root layer can be seen
because similar mean values and standard deviations were obtained for both X-joint
configurations.

Besides the automatically welded X-joints, digital twins were also created for the
manually welded tubular X-joints for comparison purposes. The computed notch
stresses σK and σf were significantly more scattered compared to the values obtained
for the automatically welded X-joints, which could tendentially be correlated to the
scatter of the flank angles. Taking into account the evolutions of the real fatigue effective
notch stresses evaluated over the entire test series, the robot-welded tubular joints
showed a significantly lower scattering compared to the manually welded specimen,
which is an essential aspect for the reduced scatter during the fatigue tests.

Finally, the differences in the computed real notch stress evolutions between the manually
and automatically welded X-joints further underline the previously determined high
process stability of the automatically utilized GMA welding procedure. Besides the
beneficial influence on the characteristic value of the resulting S-N curves, this high
welding process stability is a prerequisite for a robot-based weld geometry optimization.
However, with respect to an industrial production of robot-welded tubular joints, this
high process stability should be proven in further investigations.
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5 Numerical Fatigue Assessment

5.1 Introduction

After the automatically fabricated welds have been characterized in the previous
Chapter 4, inter alia, on behalf of the real notch stress distributions, this chapter deals
with idealized stress concentrations that were used for the computation of the new
S-N curves in Sections 3.7.4 and 3.7.5 as well as further considerations regarding the
numerical fatigue verification approaches. For this purpose, the applied numerical models
are presented in Section 5.2 and subsequently verified against strain measurements. In
Section 5.3 stress concentration factors (SCF) are numerically computed in accordance
with the structural stress approach (SSA) and in Section 5.4 an idealized fatigue effective
notch stress distribution according to the notch stress approach (NSA) is given. The
results of the two approaches are then compared in Section 5.5 with regard to the
respective estimated crack initiation locations.

Section 5.6 introduces a transformation procedure to determine equivalent SCFNSA

which are based on the fatigue notch factors according to the NSA. In Section 5.7 the
potential of bionic weld geometry optimization is then exemplarily demonstrated for the
saddle position of the X-joints applying both fatigue assessment approaches using the
equivalent SCFNSA. Finally, Section 5.8 deals with the integration of the NSA-based
results into the approved design formalism based on the SSA to enable a combined
fatigue assessment considering the advantages of both approaches.

5.2 Numerical models

5.2.1 Preliminary considerations

Prior to the numerical modeling, preliminary considerations have to be made whether
systematic skewing or secondary bending moments due to imperfections (see Herion
(1994)) should be accounted for in the numerical models, as for example done by
Kuhlmann et al. (2014). However, since no systematic errors in the specimen produc-
tion and test setup could be detected during the analysis of the strain gauge chain
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measurements as shown in Table 3.13 of Section 3.8.3, a perfectly axial load introduction
was assumed when modeling the X-joint.

5.2.2 Global models to compute SCFs

The calculation of the SCFs required for the determination of the structural stress
based S-N curves were performed on behalf of the ideal numerical models that were
previously described in Section 4.6.1 in detail. The corresponding geometric dimensions
are given in Table 4.6 and the considered linear elastic material parameter were applied
in accordance with Table 4.7 of Section 4.6.1. For the calculation of the decisive SCFs,
an axial force Fax resulting in an acting nominal stress σN equal to unity was applied
to the upper brace, whereby the lower brace was hinged in accordance with the test
setup which included a hinged testing cylinder.

The SCFs according to the SSA were determined in accordance with the specifications
given in DNVGL-RP-C203 (2019) and DIN EN ISO 19902 (2014) by a linear extrapola-
tion of the maximum principal stress σ1,3 towards the weld toe as shown in Figure 2.8 of
Section 2.3.2. According to the DNVGL-RP-C203 (2019) recommendations, this linear
extrapolation to determine the structural stress σS shall be carried out at eight locations
uniformly distributed around the intersection between chord and brace. However, to
depict stress hot spots in between these eight extrapolation points as mentioned by
Hammerstad et al. (2016), σS and hence the SCF values were determined on behalf
of nine extrapolation paths generated in FALCOS for chord and brace, taking into
account the symmetry of the tubular X-joint as illustrated in Figure 5.1.

Path 1 Path 9

Path 5

ζ = 180◦

ζ = 90◦

ζ = 0◦

Figure 5.1: Alignment and numbering of extrapolation paths

The extrapolation paths were oriented in accordance with DIN EN ISO 19902 (2014)
and DNVGL-RP-C203 (2019), accounting for the specifications of the DNV-OS-J101
(2010) offshore standard. Therefore, the extrapolation paths on the chord were aligned
normal to the weld toe which is equal to the direction of maximum principal stress
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around the fatigue-critical saddle position. In contrast, the paths on the brace were
orientated in axial direction according to the specifications given in DNV-OS-J101
(2010) to account for the maximum principal stress as proposed by DIN EN ISO 19902
(2014). The numbering and alignment of all paths as well as the corresponding angular
coordinates ζ are shown in Figure 5.1.

5.2.3 Submodels to compute idealized notch stresses

To evaluate the fatigue strength of the tested X-joints with respect to the NSA as
done in Section 3.7.5, fatigue notch factors Kf were determined in accordance with the
requirements proposed by Radaj (1990) for both X-joint configurations. Compared to
the computation of the SCF values, the modeling effort was significantly increased for
the calculation of Kf due to the required notch rounding considering the fictitious notch
radius ρf = 1 mm, see Section 2.3.3. Here, the very small fillet of 1 mm compared to
the dimensions of the tubular X-joint is particularly challenging during the numerical
modeling process. To meet the required mesh refinement within the fictitiously rounded
weld notches - according to DVS Merkblatt 0905 (2017) the maximum element size has
to be ≤ 0.25 mm - the submodel technique is used.

Similar to the application of the submodel technique described in Section 4.6.1, the
chord-brace intersection including the idealized weld is represented by a set of separate
overlapping submodels, which were extracted from the global numerical models of both
X-joint variations as illustrated in Figure 4.30 of Section 4.6.1. Each of the extracted
submodels represented an angular sector of ∆ζ = 4◦. Due to the symmetry of the
X-joints, the overlapping submodels covered only one half of the chord-brace intersection
of the tubular X-joints. The fictitious notch radius ρf = 1 mm is included within these
submodels and the rounded notch is meshed by using at least six tetrahedral finite
elements with quadratic shape functions (Solid187) along the rounded surface of the
notch. The linear elastic material parameter coincided with the parameter of the global
model.

For the computation of the fatigue effective stress σf the maximum surface node value of
the maximum principal stress σ1,3 within the fictitiously rounded notches is continuously
read out for each submodel resulting in a continuous evolution of σf around one half
of the chord-brace intersection. Due to the applied loading equal to σN = 1 N/mm2

the fatigue effective notch stress σf obtained for each submodel coincides with the
corresponding fatigue notch factor Kf .
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ρf = 1 mm

Figure 5.2: Submodel of the chord-brace intersection including the idealized weld as
well as the fictitious notch radius ρf = 1 mm

5.2.4 Numerical model verification

To verify the numerical (sub-) models of both X-joint configurations with regard to the
linear elastic strain distribution, the numerically determined strains are compared with
the measured strain values obtained from the strain gauge chain measurements at the
saddle positions, see Section 3.8. To obtain an accurate numerically computed strain
distribution within both the notched area of the X-joints as well as over the brace or
chord tubes, the linear elastic strain distribution was determined by assembling the
outcomes of the submodels with those of the global models. The composed strain values
were then used for the verification process.

The measured strain values were averaged over both saddle positions and subsequently
normalized to an applied nominal stress of σN = 1 N/mm2. The comparison of the
experimentally and numerically determined strain values is given in Figure 5.3 for the
single- and double-sided welded X-joints.

For both X-joint configurations, a positive agreement between the measured strain values
of the strain gauge chains and the numerically calculated ones can be seen which verifies
the applicability of the created numerical (sub-) models. Furthermore, the smooth
curves of the numerically determined strain values indicate that the selected dimensions
of the created submodels are sufficiently large, since the numerically determined strain
curves were assembled without major value gaps.
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(b) Single-sided welded X-joints - Chord
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(c) Double-sided welded X-joints - Brace
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(d) Double-sided welded X-joints - Chord

Figure 5.3: Numerical model verification based on measured surface strain values

5.3 Numerically computed SCF values

Based on the global numerical models of the two robot-welded X-joint variants created
in Section 5.2.2, the SCF distributions are computed as summarized in Figure 5.4 and
Table 5.1.

Regarding the single-sided welded X-joints, the computed SCFs for brace and chord are
quite similar with the maximum SCF being determined for the fourth path of the brace.
However, since all tested X-joints failed within the chord-sided notch, the maximum
SCF value of the chord was considered decisive for the determination of the structural
stress-based S-N curves yielding SCFw/o = 4.36.
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(d) Double-sided welding - Chord

Figure 5.4: SCF distributions for brace and chord of both X-joint configurations. The
alignment of the nine extrapolation paths is given in Figure 5.1

Table 5.1: SCF values of brace and chord for both X-joint configurations

SCF [-]
W/o inner weld W/ inner weld
Brace Chord Brace Chord

Path 1 1.84 1.43 2.38 1.47
Path 2 2.27 2.11 2.99 2.15
Path 3 3.78 3.22 4.37 3.28
Path 4 4.80 4.36 5.04 4.41
Path 5 4.60 4.29 4.58 4.36
Path 6 3.62 3.47 3.46 3.56
Path 7 2.61 2.35 2.49 2.41
Path 8 1.61 1.67 1.59 1.68
Path 9 0.68 0.87 0.68 0.85
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5.4 Evolution of idealized fatigue effective notch stresses

For the double-sided welded X-joints, also a similar distribution of the SCFs was
computed for chord and brace with larger values occurring at the braces. However, due
to the fatigue-critical chord-sided notch, the maximum SCF of the chord was again
considered decisive for the determination of the fatigue strength yielding SCFw/ = 4.41.

With regard to the impact of the inner welding, a similar SCF distribution can be seen
with slightly larger values being computed for both tubes of the double-sided welded
X-joints.

5.4 Evolution of idealized fatigue effective notch stresses

Comparable to the SCF calculation, the evolution of the idealized fatigue effective notch
stresses σf was computed for both notches of the two X-joint variations utilizing the
idealized submodels given in Section 5.2.3. The outcomes of these notch stress analyses
are given in Figure 5.5.
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Figure 5.5: Evolution of the idealized fatigue effective notch stresses σf for both X-joint
configurations

The maximum values of the idealized fatigue effective notch stresses σf,Max, which are
equivalent to the fatigue notch factors Kf due to the applied nominal stress equal to
σN = 1 N/mm2, were computed for the chord-sided notch of both X-joint variations,
see Table 5.2. For the single-sided welded X-joints the resulting fatigue notch factor
is equal to Kf = 12.55 and for the double-sided welded X-joints Kf was determined
as Kf = 12.56. In contrast, the maximum notch stresses obtained for the brace-sided
notches are significantly reduced compared to the values computed for the chord-
sided notches with σf,Br,Max = 7.22 N/mm2 for the single-sided welded X-joints and
σf,Br,Max = 6.44 N/mm2 for the double-sided welded ones.
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5.4 Evolution of idealized fatigue effective notch stresses

Table 5.2: Decisive fatigue notch factors Kf of brace and chord for both X-joint
configurations

W/o inner weld W/ inner weld
Brace Chord Brace Chord

Kf [-] 7.23 12.55 6.44 12.56

Moreover, an almost identical fatigue effective notch stress evolution along the chord-
sided notches can be seen for both X-joint configurations as shown in Figure 5.5 (b).
Therefore, the inside welding does not have any major impact on the fatigue-critical
chord-sided notch stresses. When comparing the brace-sided notch stress evolutions
shown in Figure 5.5 (a) of both X-joint variations a slightly larger effect of the inner
welding can be observed resulting in reduced maximum values for the double-sided
welded tubular X-joints. These results stand in contrast to the outcomes of the SCF
computation shown in Figure 5.4 of Section 5.3, where the inside welding had a slightly
negative effect on the computed SCF values. This topic will be addressed more detailed
in the following Section 5.5.1.

Besides the analysis of the idealized notch stress curves, Figures 5.6 and 5.7 exemplarily
compare the idealized fatigue effective notch stresses with the real notch stress evolutions
along the chord-sided hot spots of the single-sided welded X-Joint W.ID 249 and the
double-sided welded variant W.ID 262. The real notch stresses of these two X-joints
were previously analyzed in Section 4.6.6 in detail.
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Figure 5.6: Comparison of real and idealized notch stress evolutions along the hot spots
of the single-sided welded X-joint W.ID 249
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Figure 5.7: Comparison of real and idealized notch stress evolutions along the hot spots
of the double-sided welded X-joint W.ID 262

The comparison of the different notch stresses clearly shows the stress distribution based
on the idealized submodels approximates the real notch stresses well, whereas the results
are conservative when considering the fatigue verification. The idealized fatigue effective
notch stresses σf correspond on average well with the real linear elastic notch stresses
σK . In contrast, the real fatigue effective notch stresses are somewhat lower than the
idealized ones, so the consideration of the scanned weld geometry has a positive impact
on the resulting fatigue loads. However, it must be mentioned that the calculation of the
real fatigue effective notch stresses σf requires a much higher modeling and computation
effort than the generation of the idealized submodels based on the averaged flank angles.
Furthermore, a consideration of the real notch radii in the idealized submodels, which
is allowed according to the DNVGL-RP-C203 (2019) recommendations, is feasible with
only little effort and would lead to a further convergence of both fatigue effective
notch stresses. Against this background, the idealized submodels represent the real
stress distribution almost accurately and are seen as much more suitable for practical
application. Similar outcomes were published by Kaffenberger & Vormwald (2011) for
a plate-based Y-joint (t = 15 mm) including a single bevel butt weld.

It can also be observed that the maxima of the idealized notch stresses are located
almost in the middle of the shown fatigue-critical hot spots. Therefore, it is possible to
estimate the location of crack initiation with approximate accuracy even on the basis of
the idealized submodels.
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5.5 Numerical estimation of fatigue-critical notches

When considering the previously determined maximum fatigue loads according to the
SSA in Section 5.3 and the NSA in Section 5.4, it is noticeable that both approaches
classify different notches as fatigue-critical. This circumstance is investigated in the
following for the medium-scaled X-joints analyzed in this thesis, as well as for a
real-scaled X- and DK-joint, respectively.

5.5.1 Medium-scaled tubular X-joints

To outline the difference between the estimated fatigue critical notches according to
both approaches, Figures 5.8 and 5.9 compare the distribution of the respective SCF and
Kf values for brace and chord approach-related. The SCF values for brace and chord
based on the SSA are contrasted in Figure 5.8 (a) for the single-sided welded X-joints,
and in Figure 5.9 (a) for the double-sided welded configuration, whereby the size effect
is considered via f(t) according to Equation (2.17) as given in Section 2.2.4. Figure 5.8
(b) and Figure 5.9 (b) compare the respective fatigue notch factors Kf between brace
and chord according to the NSA, where the size effect is already implicitly included due
to the detailed numerical modeling, see Section 2.3.3. Instead of the continuous notch
stress distribution, Figure 5.8 (b) and Figure 5.9 (b) only illustrate the notch stresses
of the respective path positions, which were used for the calculation of the SCFs using
bar charts.
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Figure 5.8: Fatigue loads according to SSA and NSA for brace and chord of the
single-sided welded X-joints
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Figure 5.9: Fatigue loads according to SSA and NSA for brace and chord of the
double-sided welded X-joints

Comparing the two diagrams for each X-joint configuration, a significant difference
between the NSA and the SSA can be seen. For both X-joint variations the maximum
SCF values of the braces are slightly increased compared to the maximum values of the
chords predicting the brace-sided notches as fatigue-critical. In contrast, the fatigue
effective stresses σf are significantly larger within the chord-sided notches compared to
the values computed for the brace-sided notches. By applying the NSA, the chord-sided
notch is estimated as being fatigue-critical, consistent with the outcomes of all performed
fatigue tests as exemplarily shown in Figure 3.24 of Section 3.7.2. In contrast, the
application of the SSA prognosticates the brace-sided notches as being fatigue-prone.
However, the brace-sided notches did not show any measurable damage in the ARAMIS
investigations.

The reason for these differences between both approaches can be seen in the absolute
maximum principle stress σ1,3 distribution of the investigated tubular X-joints which
is exemplarily illustrated in Figure 5.10 along path 4 of brace and chord, respectively.
Additionally, the maximum values of the fatigue effective notch stresses σf are included
with the linear extrapolations (dashed lines) of the corresponding structural stresses
σS, considering the extrapolation points A and B according to the DNVGL-RP-C203
(2019) requirements.
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σS = 4.36
σS = 4.80

σf = 12.19

0 5 10 15 20 25
Length of path 4 [mm]

0

2

4

6

8

10

12
St
re
ss
σ

1,
3
[N /

m
m

2
]

Chord
Brace

σf = 6.90
A

BCh BBr

(a) Single-sided welding

σS = 4.41
σS = 5.04

σf = 12.06

0 5 10 15 20 25
Length of path 4 [mm]

0

2

4

6

8

10

12

St
re
ss
σ

1,
3
[N /

m
m

2
]

Chord
Brace

σf = 5.89

A
BCh BBr

(b) Double-sided welding

Figure 5.10: Absolute maximum principle stress evolutions along path 4 of brace and
chord as well as decisive values of the structural stress σS and fatigue effective notch
stress σf

As shown in Figure 5.10, the braces experience increased stresses σ1,3 in greater distance
of the notch (approximately > 5 mm) compared to the chord. Therefore, by performing
the linear extrapolation of σS in accordance with the SSA via the extrapolation points A
and B, increased structural stresses and hence SCFs are obtained for the brace compared
to the chord.
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5.5 Numerical estimation of fatigue-critical notches

When focusing on the chord, local bending within the chord-sided notch results in
significantly increased absolute maximum principle stresses σ1,3 and hence enlarged
fatigue effective stresses σf within this notch. However, this stress enhancement in
proximity of the notch cannot be captured by the SCFs based on the SSA due to
the comparatively large distance between the notch and the extrapolation point A.
For this reason, the SCFs wrongly estimate a greater fatigue load in the brace-sided
notch compared to the chord-sided notch. When computing the fatigue notch factor
Kf according to the NSA, the increased notch stresses, decisive for the actual fatigue
damaging, are considered and therefore only the NSA predicts the correct location for
crack initiation.

Furthermore, Figure 5.10 also provides the reason for the approach-depending evaluation
of the inner weld’s impact on the fatigue loading of the brace-sided notch. Figure 5.10
(b) shows the braces of the double-sided welded X-joints experience increased principle
stresses in greater distance of the notch compared to the braces of the single-sided
welded X-joints, see Figure 5.10 (a). However, this increased stress is reduced close
to the notch due to the supporting effect of the inner weld layer which is not taken
into account by the extrapolation points and hence the SCF values. Therefore, only
the computation of the fatigue effective notch stresses according to the NSA captures
the positive effect of the inner welding on the fatigue loading of the braces, which is,
however, not decisive with regard to the fatigue induced failure of the X-joints.

5.5.2 Real-scaled tubular X-joints

Since the robot welded tubular X-joints investigated in this thesis are medium-scaled
compared to realistic offshore jacket dimensions, the comparison between SSA and
NSA with respect to the estimated fatigue-critical notch as presented in the previous
Section 5.5.1 was also performed for a real-scaled tubular X-joint (chord: ∅ 1220 mm
× 70 mm, brace: ∅ 711 mm × 30 mm, θ = 60◦). Due to the minor impact of the
inner weld on the fatigue loads, only a single-sided welded X-joint was considered. The
numerical modeling process was similar to the procedure described in Sections 5.2.2
and 5.2.3, with the corresponding geometric parameters given in Table 5.3. The
geometry of the idealized weld was based on the weld geometry obtained from the real-
scaled mock-up given in Section 4.5.2. Linear elastic material behavior was considered
(E = 210, 000 N/mm2, ν = 0.3) for the global model (Solid186) and the submodels
(Solid187) of the X-joint. Finally, the applied axial load Fax was chosen so that the
resulting nominal stress σN was again equal to unity.
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5.5 Numerical estimation of fatigue-critical notches

Table 5.3: Geometric dimensions for the numerical modeling of the real-scaled tubular
X-joint

Real-scaled X-joint
α = 2L

D
[-] 6.89

αBr = 2l
d
[-] 4.00

β = d
D
[-] 0.58

γ = D
2T [-] 8.71

τ = t
T
[-] 0.43

D [mm] 1220.0
θ [°] 60.0

The approach-related comparison of the respective SCF and Kf values for brace and
chord of the real-scaled tubular X-joint is given in Figure 5.11. The size effect was
considered for brace and chord via f(t) according to Equation (2.17) of Section 2.2.4
during the computation of the SCFs.
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Figure 5.11: Fatigue loads according to SSA and NSA for brace and chord of the axially
loaded real-scaled X-joint

Regarding the SSA, the outcomes are quite similar to the comparison previously
performed for the medium-scaled tubular X-joints, with the maximum SCF value
being again computed for path 4 of the brace. Considering the results of the NSA for
chord and brace, the chord-sided notch again experiences the larger fatigue loads even
though the values for brace and chord have approached significantly. With respect to
the predicted fatigue critical notch, the difference between the approaches also exists
for the real-scaled tubular X-joint, since the SSA classifies the brace-sided notch as
fatigue-critical and the NSA prognosticates the chord-sided notch.
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5.5 Numerical estimation of fatigue-critical notches

5.5.3 Real-scaled tubular DK-joints

Since the previously considered X-joints were designed for fatigue test purposes as
described in Section 3.2.1 and are not typically found in offshore jacket substructures,
the relative comparison of the two fatigue assessment approaches was additionally
performed for a currently practice-relevant real-scaled single-sided welded DK-joint
(chord: ∅ 1220 mm × 70 mm, brace: ∅ 711 mm × 30 mm, θ1 = θ2 = 60◦). A volumetric
model of the DK-joint was generated in FALCOS, whereby the geometric dimensions
and the idealized weld geometry were equivalent to the previously analyzed real-scaled
tubular X-joint, see Table 5.4.

Table 5.4: Considered dimensionless geometrical parameters in analogy to Figure 2.9 of
Section 2.3.2 for the numerical modeling of the real-scaled tubular DK-joint

Real-scaled DK-joint
α1 = α2 = 2L

D
[-] 6.89

αBr,1 = αBr,2 = 2l
d
[-] 4.00

β1 = β2 = d
D
[-] 0.58

γ1 = γ2 = D
2T [-] 8.71

τ1 = τ2 = t
T
[-] 0.43

D [mm] 1220.0
Gap [mm] 100.0
θ1 = θ2 [°] 60.0

The linear elastic material parameters used (E = 210, 000 N/mm2, ν = 0.3) and the
element types for the global (Solid186) and submodels (Solid187) were identical to
those of the X-joint. The finite element mesh was optimized in a sensitivity study to
ensure mesh independent results. The loading was based on the three unit load cases
Fax, MIPB and MOPB according to the DNVGL-RP-C203 (2019) recommendations. In
relation to the procedure used for the tubular X-joints, the respective loads were applied
on brace 1 resulting in σN = 1 N/mm2. The chord was hinged for these calculations.
Figure 5.12 shows the contour plot of the modeled DK-joint for an applied MIPB.

Due to the lack of symmetry in the DK-joint, a total of 16 evaluation paths were
generated to compute the SCF values for brace and chord as shown in Figure 5.13.
Accordingly, 16 individual submodels were created for the application of the NSA.
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5.5 Numerical estimation of fatigue-critical notches
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Figure 5.12: Contour plot of the DK-joint for the applied IPB moment MIPB

Path 5

Path 9

Path 13

Path 1

Figure 5.13: Alignment and numbering of extrapolation paths of the DK-joint

The approach-related comparison of the respective SCF and Kf values for brace and
chord was performed for the outcomes of all three unit load cases. However, in this
section only the results of the MIPB load case are discussed in detail, see Figure 5.14.
The outcomes of the other two load cases are summarized in Appendix D. The size
effect was considered via f(t) given in Equation (2.17) of Section 2.2.4 during the
computation of the SCFs.

For the DK-joint subjected to the MIPB load case, the previously identified differences
regarding the fatigue-critical notches can also be seen. However, in contrast to the
previously shown results of the X-joints, it is not only the fatigue-critical notches that
differ for the DK-joint, but the locations where these are estimated to occur. Related
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Figure 5.14: Fatigue loads according to SSA and NSA for brace and chord of the
real-scaled DK-joint subjected to an IPB moment

to the SSA, the maximum SCF and thus the predicted crack initiation location is
computed for the brace-sided notch at path 9 which is equal to the heel position. In
contrast, the maximum fatigue notch factor Kf and hence the estimated location of
crack initiation according to the NSA is located within the chord-sided notch at the toe
position of the DK-joint (path 1).

For the other two unit load cases (Fax andMOPB) shown in Appendix D, the comparison
between the approaches does not show any significant difference with respect to the
fatigue-critical notch. Both approaches approximately predict the same crack initiation
location. However, it should be noted that this result has been significantly influenced
by the size effect considered on the SCF values. Focusing on the maximum values for
these two load cases, the distribution of the directly calculated SCFs (excluding the size
effect) also differed significantly from the Kf values according to the NSA. A similar
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difference between the approaches was observed for all three unit load cases applied to
a medium-scaled tubular DK-joint (1:3.3) in Schaumann et al. (2020).

In summary, it can be stated that the differences between the approaches previously
determined for the tubular X-joints can also be observed for the real-scaled DK-joint,
since both approaches estimate different parts of the DK-joint as fatigue-critical. With
respect to the SSA, this effect is partly compensated by the consideration of the size
effect so that it is not as significant for real-scaled DK-joints. Nevertheless, this issue
should be kept in mind during the fatigue assessment or for accurate weld geometry
optimizations as proposed in Section 5.7.

5.6 Equivalent SCFNSA

In the previous sections, the results according to the SSA and NSA were compared
with regard to the respective maximum SCF and Kf value distribution between brace
and chord, to gain information about the estimated crack locations. Due to the varying
theoretical background of both approaches including different application procedures
and S-N curves, it is not possible to directly compare the elastic fatigue notch factor
Kf with the SCF values without computing the resulting lifetime N . Therefore, an
equivalent stress concentration factor SCFNSA is derived in analogy to Schaumann &
Schürmann (2019), which is based on the results of the NSA. By using this concept of
equivalent SCFNSA, a direct comparison of the relative fatigue resistance according to
both approaches becomes possible on structural stress concentration level rather than
on the level of damages or lifetime.

Furthermore, by computing equivalent SCFNSA, a selective integration of structural
components verified with the NSA into the proven SSA based design formalism of
complete welded structures such as jacket substructures for OWECs is enabled. This
topic is addressed in Section 5.8.

5.6.1 Transformation procedure

In the following, the transformation procedure to determine equivalent SCFNSA, based
on the outcomes of the NSA, is derived in analogy to Schaumann & Schürmann (2019).
The SCFNSA is thereby independent of the nominal stress range ∆σN . The algorithm is
based on the procedure developed by Schaumann & Wilke (2005) to consider a fictitious
nominal stress range ∆σN,f for the comparison of both approaches but by computing
and comparing the resulting lifetime as well as the idea of computing fatigue load
equivalent values proposed in Schaumann et al. (2007). The derived transformation
algorithm consists out of three steps and is shown in Figure 5.15.
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Figure 5.15: Algorithm for the transformation of the elastic fatigue notch factor Kf

into equivalent SCFNSA in analogy to Schaumann & Schürmann (2019)

Step I – illustrated in the upper left box of Figure 5.15 – represents the determination
of the durability NNSA(∆σN,f) according to the NSA. Therefore, the Kf value, the
FAT-class, the slope m1 and the enhancement factor f(R) are considered as well as a
fictitious nominal stress range ∆σN,f , which may be chosen arbitrarily. However, it is
recommended to take a value for ∆σN,f which leads to a durability NNSA within the
high cycle fatigue range. In general, a parameter dependency on the NSA is indicated
by using the index (. . .)NSA.

Step II represents the assumption that the calculated fatigue life at a certain location
of a welded tubular joint based on the NSA is equivalent to the computed lifetime by
applying the SSA. This assumption is feasible due to the defined failure criteria as
both approaches estimate the through thickness crack. The durability for the NSA
NNSA(∆σN,f ) is set equal to the durability of the SSA and is denoted NSSA,NSA(∆σN,f ).

In the third step, the number of cycles NSSA,NSA(∆σN,f) is transformed into the
structural stress range ∆σS,NSA(∆σN,f) utilizing the corresponding structural stress-
based S-N curve. After that, the equivalent stress concentration factor SCFNSA is
determined considering Equation (2.20) of Section 2.3.2 as well as the previously chosen
fictitious nominal stress range ∆σN,f . Due to the repeated consideration of the fictitious
nominal stress range ∆σN,f for the transformation of ∆σS,NSA(∆σN,f ) into the equivalent
stress concentration factor, the value of SCFNSA is no longer depending on ∆σN,f .
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5.6 Equivalent SCFNSA

Keeping in mind, that the size effect on the fatigue strength of structural details is already
included implicitly within the NSA and hence the SCFNSA, box III in Figure 5.15 is valid
for structural details with t ≤ tref . Here, the size effect does not have to be considered
explicitly within the SSA according to the DNVGL-RP-C203 (2019) recommendation,
since f(t) is equal to unity as given by Equation (2.17) of Section 2.2.4. For thicker
structural details with t > tref the equivalent SCFNSA should be adjusted as shown in
the lower case of Equation (5.1) to exclude the size effect. By doing so, values for the
SCFNSA are obtained which are equivalent to the SSA in cases where t > tref is valid
since the size effect is not implicitly taken into account within the SSA.

SCFNSA =


∆σS,NSA(∆σN,f )

∆σN,f for t ≤ tref ,
∆σS,NSA(∆σN,f )

∆σN,f ·
(
tref
t

)k
for t > tref .

(5.1)

In general, the introduced transformation procedure to compute equivalent SCFNSA is
applicable to all kind of welded joints, as long as both approaches (SSA and NSA) are
approved to predict the fatigue resistance of the considered type of welded (tubular)
joint. Additionally, from the mathematical point of view the shape of the considered
S-N curves needs to be linear within the double logarithmic S-N curve chart to perform
the transformation.

5.6.2 Application to tubular DK-joints

Figure 5.16 exemplarily shows the outcomes of the previously introduced transformation
procedure for the real-scaled tubular DK-joint given in Section 5.5.3. By computing
the equivalent SCFNSA, the outcomes of the SSA and NSA are compared on structural
stress level. Therefore, Figure 5.16 (a) illustrates the resulting SCF values according
to the SSA for brace and chord and Figure 5.16 (b) depicts the equivalent SCFNSA

values based on the NSA considering the current design S-N curve FAT 225. To
underline the necessity of suitable S-N curves for the application of the NSA to tubular
joints, Figure 5.16 (c) additionally shows the SCFNSA distribution with the hypothetical
assumption that the S-N curve with ∆σC = 348 N/mm2 determined in Section 3.7.5
also applies to the real-scaled DK-joint. Finally, regarding the size effect that is only
implicitly taken into account in the NSA, the SCFNSA values were adjusted as given in
Equation (5.1) and therefore, the size effect is not included in all SCF values shown in
Figure 5.16.

In general, Figure 5.16 shows a good agreement between the SCF distributions accord-
ing to both approaches, apart from the differences and hence the issue discussed in
Section 5.5.3. However, the SCFNSA values shown in Figure 5.16 (b) are on average
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Figure 5.16: Comparison of SSA and NSA on structural stress concentration level for
the real-scaled DK-joint subjected to the IPB moment MIPB
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5.7 Bionic weld geometry profiling

slightly increased compared to the SCF values according to the SSA. This means that
the significantly larger effort for the application of the NSA combined with the defined
FAT 225 S-N curve is not reflected in a mathematically enlarged fatigue life, but results
in a shorter one, due to the unreasonably conservative FAT 225 S-N curve.

In contrast, the equivalent SCFNSA values shown in Figure 5.16 (c) considering the
determined S-N curve with ∆σC = 348 N/mm2 are decreased compared to the SCF
values resulting in a mathematically enlarged fatigue strength of the DK-joint. This
comparison clearly highlights the potential of the NSA. In addition, it underlines the
requirement of suitable NSA-based S-N curves for automatically welded tubular joints
to benefit from the advantages of the more complex NSA application in the fatigue
verification. As already mentioned in Section 3.7.5, further extensive experimental and
numerical research on that topic is required.

5.7 Bionic weld geometry profiling

The high reproducibility of the automatically fabricated welds addressed in Chapter 4
is not only advantageous with respect to the scatter of the fatigue test results, but
also allows a fatigue-oriented design of the weld geometry. By doing so, the fatigue
effective notch stresses can be significantly reduced on the one hand, which has a positive
effect on the resulting durability. On the other hand, fatigue cracks can potentially be
pushed into areas or components that are less threatening when considering the load
bearing capacity of the structure. It is essential to know the fatigue-critical notches of
the original structure in order to improve the weld geometry profile accurately. This
requirement emphasizes the issues addressed in Section 5.5. In the following, the
potential of bionic weld geometry optimization is exemplarily analyzed for the saddle
position of the medium-scaled tubular X-joints investigated in this thesis.

The idea for the numerically improved weld geometry profile presented in the scope of
this thesis is based on a bionic approach which is orientated on the geometry of tree
stumps, see Figure 5.17 (a). Detailed explanations about this beneficial geometry with
respect to the notch stress distribution are given in Mattheck (2017).

The bionic optimization of the weld geometry profile derived from the tree stumps’ shape
is based on an additional fillet weld, which mitigates the relatively sharp chord-sided
notch with respect to notch stresses as illustrated in orange in Figure 5.17 (b). Based
on several parameter studies performed by Wystub (2020), an isosceles fillet weld was
integrated into the numerical submodel, whereby the leg length z1 of the fillet weld was
equal to the half length of the original weld, see Figure 5.17 (b).
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(a) Typical shape of a tree stump
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(b) Optimized weld geometry

Figure 5.17: Bionic weld geometry optimization based on tree stumps

To determine the resulting fatigue notch factors Kf according to the NSA, the respective
notches to the brace, to the chord and between the two weld seams were fictitiously
rounded with ρf = 1 mm. The resulting fatigue notch factors are given in Figure 5.18
together with the values of the initial weld geometry, where the Kf value determined
between the two welds is represented by the green bar.
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Figure 5.18: Effect of the bionically optimized weld geometry on the respective fatigue
notch factors Kf

As shown in Figure 5.18, the bionic weld seam optimization results in a significantly
lower fatigue notch factor for the chord with a reduction of about 33 %. The Kf value
of the chord is therefore almost identical to the value obtained from the brace-sided
notch. This positive effect of the weld geometry optimization can be further increased
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5.7 Bionic weld geometry profiling

by replacing the fictitious notch radius ρf = 1 mm with real measured values, which
is allowed according to the DNVGL-RP-C203 (2019) recommendation. For example,
considering the mean value ρ̄ = 1.76 mm of the real notch radii measured along the
real-scaled mock-up in Section 4.5.2, a reduction of about 38 % can be reached for
the chord-sided Kf value compared to the original weld geometry. Furthermore, it is
noticeable that the notch between the welds shows slightly higher fatigue effective notch
stresses than the brace- or chord-sided notches. Since the linear elastic numerical model
does not consider detailed structural properties of the weld, the HAZ, residual stresses,
and so on, an evaluation regarding the expected crack initiation location is at this point
not possible without experimental fatigue tests.

In addition to the NSA, the improved weld geometry profile was also analyzed by
applying the SSA. The improvement factors for optimized weld geometry profiles
according to API RP 2A-WSD (2014) were considered as given in Section 2.5, due
to the high process stability achievable during robot-based welding. The outcomes of
this analysis are illustrated in Figure 5.19 (a). Furthermore, Figure 5.19 (b) shows the
equivalent SCFNSA based on the Kf values given in Figure 5.18, whereby the obtained
S-N curve for through thickness cracking with ∆σC = 348 N/mm2, and the FAT 225 S-N
curve were considered.
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Figure 5.19: Effect of the bionically optimized weld geometry on the respective SCF
values

Considering Figure 5.19 (a), a clearly reduced SCF can be seen for the chord (minus
21 %), whereby the bionic optimization had only a slightly impact on the SCF for the
brace (minus 9 %), which is seen as decisive according to the SSA. By applying the
improved SSA for optimized weld geometry profiles as proposed by API RP 2A-WSD
(2014), a certain beneficial effect on the resulting stress concentrations can be captured,
which is significantly lower than the impact estimated by the fatigue notch factor Kf .
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Compared to the SCFs for the optimized weld geometry according to the SSA, even
more reduced equivalent SCFNSA and hence a reduced durability is obtained for the
application of the NSA as shown by middle bars in Figure 5.19 (b) with a further
reduction of about 22 % for the chord and 37 % for the brace. However, this is only
true for a suitable S-N curve, since the SCFNSA computed on behalf of the FAT 225 S-N
curve are almost equal to the original SCFs shown in Figure 5.19 (a). Here, no beneficial
effect of the optimized weld geometry and the significantly larger numerical modeling
effort on the resulting fatigue life can be obtained compared to the SSA. Furthermore,
the SCFNSA given in Figure 5.19 (b) indicate, that the application of the NSA on the
‘as welded’ conditions of the X-joints is, similar to the outcomes of Section 5.6.2, also
beneficial with regard to the mathematically determined fatigue strength, when taking
into account a suitable S-N curve.

The fatigue effective notch stresses have proven to be more suitable to capture the
beneficial effect of the optimized weld geometry on the resulting stress concentrations.
The adjustments of the SSA application proposed by API RP 2A-WSD (2014) also seem
to be reasonable in general, even though the estimated beneficial effect is significantly
lower. Since the results of this section were obtained exclusively on the basis of numerical
simulations, additional research on that topic is required. Besides further numerical
parameter studies, serial fatigue tests should be performed to experimentally quantify
the impact of the bionic weld geometry optimization on the fatigue strength of (real-
scaled) robot-welded tubular joints, as well as to verify and possibly improve both
approaches.

In principle, the bionic optimization presented above can be considered as an example
of a possible paradigm shift in serial steel construction. The high reproducibility of the
welding process combined with the digitization of the process parameters allows not
only the optimization but also a specific control of the fatigue performance, which has
not been possible so far. This applies not only to the weld seam geometry considered in
this section, but also to an optimization of the microstructure, residual stresses, and so
on. In view of the ongoing digitization and artificial intelligence, this area in particular
offers far-reaching possibilities for further research.
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5.8 Combined fatigue assessment based on structural
and notch stresses

As already mentioned in Section 2.3.1, the state of the art fatigue assessment of tubular
joints of jacket substructures for OWECs is based on the SSA. However, with respect
to automatically manufactured tubular joints including designed weld geometry profiles
with enlarged notch radii or post-weld treatment such as grinding, the SSA is not able
to capture the positive effects on the stress concentration as precisely as the NSA due
to the linear extrapolation of the structural stress. Here, fatigue effective notch stresses
and the NSA are favorable. According to the DNVGL-RP-C203 (2019), the NSA can
be applied not only considering the fictitious notch radius ρf = 1 mm but also by
utilizing the actual mean notch radius if defined. This holds true for both grinded weld
notches and robot-fabricated welds, including automated scanning of the weld geometry.
Moreover, as shown in Section 5.5, fatigue effective notch stresses are more suitable
to accurately estimate the fatigue-critical notches of tubular joints. Furthermore, the
application of the NSA enables the fatigue assessment of complex, welded joints, where
the SSA is not applicable.

Since the computed damage of tubular joints in jacket substructures varies for different
locations within the structure as well as over the depth, the possibility of precisely
considering the positive effects of an optimized weld geometry including enlarged notch
radii on the calculated fatigue life using SCFNSA has a great potential for joints which
are high in damage. By applying the introduced algorithm for the equivalent SCFNSA,
the NSA can selectively be integrated within the fatigue design process of the jacket
structure based on the SSA. This is feasible due to the linear dependency between ∆σS
and N for the high cycle fatigue range within the double logarithmic S-N chart for
which ∆σN,f was chosen in Section 5.6.1. The corresponding integration procedure is
illustrated in Figure 5.20.
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Figure 5.20: Selective integration of the NSA into the SSA based fatigue design formalism
of welded structures using SCFNSA according to Schaumann & Schürmann (2019)
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In the left and the middle column of Figure 5.20, the SSA based design formalism
of jacket substructures is briefly presented as it is implemented within the designer’s
software tools, see Böker (2009), Seidel et al. (2016), Nielsen et al. (2019) and Häfele
(2019). As shown in the left column, the distribution of the operational nominal stress
ranges ∆σN is computed from given load time series by using for example transient
analysis simulations of the global structure and the rain flow counting method, see
Schaumann et al. (2004) and Hobbacher (2016). The fatigue verification of the tubular
joints is performed by applying the SSA as shown in the center column of Figure 5.20.
Here, the corresponding values for σS and hence the SCFs can directly be computed
by using the finite element method. By knowing the values of the SCFs as well as
the nominal stress range ∆σN the fatigue resistance of the structural detail can be
determined by using the corresponding S-N curve. The size effect is to be included if
necessary. Finally, the accumulated damage may be obtained by applying the linear
damage accumulation according to Miner (1945).

For critical tubular joints, which are (too) high in damage according to the SSA
based estimation and for geometrically complex welded joints, the NSA can be applied.
Therefore, the elastic fatigue notch factors Kf must be determined by a numerical
simulation of the structural details according to Section 2.3.3. The elastic fatigue notch
factors are then transformed into the equivalent SCFNSA excluding the impact of the
size effect as indicated in Equation (5.1), if possible. These steps are summarized in
the right column of Figure 5.20. For these critical tubular joints the obtained SCFNSA

values according to the NSA are then selectively integrated into the SSA-based fatigue
design formalism (see red arrow in Figure 5.20) to perform the fatigue assessment for
the whole structure without adapting the approved fatigue verification software tools.

Although the current DNVGL-RP-C203 (2019) recommendation, in contrast to API
RP 2A-WSD (2014), does not allow an adequate consideration of weld geometry
profile optimizations in the fatigue assessment based on the SSA, the advantages can
be thus integrated on behalf of the SCFNSA. By applying the presented integration
procedure using the SCFNSA concept, the designer is consequently enabled to combine
the advantages of both approaches within the approved design formalism. This holds
true not only for jacket substructures, but for all kind of welded structures such as
bridges where the fatigue design formalism is based on the SSA. However, to do so
efficiently, reasonably conservative S-N curves are required for the application of the
NSA.
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5.9 Findings

Within this chapter the idealized stress concentration factors (SCF) according to
the structural stress approach and fatigue notch factors Kf , based on the notch stress
approach used for the computation of the new S-N curves in Sections 3.7.4 and 3.7.5 were
computed applying numerical (sub-) models. These numerical models included idealized
weld geometries instead of real scanned surfaces. The obtained stress concentrations
according to both fatigue assessment approaches were additionally compared with
regard to the respective estimated crack initiation locations. Furthermore, a bionic
optimization approach of the weld geometry profile is proposed for the saddle position
of the tubular X-joints and evaluated by applying both fatigue assessment approaches.
Finally, a methodology to transform notch stress approach results in structural stress
approach equivalent SCFNSA was developed, which enables a direct comparison of
both approaches on structural stress concentration level and a selective integration of
structural components verified with the notch stress approach into proven structural
stress approach-based design formalisms.

The main results of the objectives dealt with in this chapter are summarized and
evaluated below:

Accuracy of idealized numerical models

A comparison between the strain values obtained from the strain gauge chains measure-
ment and the numerically calculated values showed a positive agreement which verified
the applicability of the created idealized numerical (sub-) models. Furthermore, the
idealized fatigue effective notch stresses showed a good and conservative approxima-
tion to the real fatigue effective notch stresses determined in Section 4.6.6 for both
X-joint configurations. Keeping in mind the significantly lower modeling effort for the
generation of the idealized numerical models, these models are particularly well suited
for a practical application to compute a representative fatigue effective notch stress
distribution of the tubular joints.

Estimation of fatigue-critical notches

For the medium-scaled tubular X-joints, a significant difference between the considered
fatigue assessment approaches regarding the estimated fatigue-critical notches can be
observed. For both X-joint variations the structural stress approach predicted the brace-
sided notches as fatigue-prone. In contrast, the notch stress approach prognosticated
the chord-sided notch as being fatigue-critical which is consistent with the outcomes
of all performed fatigue tests. Comparable differences between the approaches were
also obtained for real-scaled X- and DK-joints. However, with respect to the structural
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stress approach, this effect was partly compensated by the consideration of the size
effect so that it is not as significant for real-scaled tubular joints. Nevertheless, this
issue should be kept in mind especially when thinking about an accurate optimization
of the weld geometry profile to reduce the resulting fatigue loads.

Impact of inner welding on the idealized stress concentrations

Considering the chord-sided SCFs according to the structural stress approach as well
as the fatigue notch factors Kf according to the NSA no significant impact of the
inner weld layer could be observed. However, this is not true for the brace, since
the double-sided welded X-joints showed slightly lower fatigue effective notch stresses
compared to the single-sided welded configuration. In contrast, the additional inner
welding results in slightly enlarged SCF values due to the extrapolation of the structural
stresses without considering the stress evolution in proximity of the notch. Therefore,
only the computation of the fatigue effective notch stresses according to the notch stress
approach captures the positive effect of the inner welding on the fatigue loading of the
braces, which is not decisive with regard to the fatigue induced failure of the X-joints.

Bionic weld geometry optimization

Due to the high process stability during welding with highly reproducible weld seams,
robot-based welding of tubular joints enables a fatigue-oriented design of the weld
seam geometry. Considering, for example, the highly loaded saddle position of the
medium-scaled tubular X-joints, fatigue loads can be reduced significantly when con-
sidering a bionically optimized weld geometry profile. The reduction of the stress
concentrations is more accurately captured by the fatigue effective notch stresses, but
the applied improvements of the structural stress approach also seem to be reasonable.
Since the effect of this optimization is evaluated exclusively on the basis of numerical
simulations and only for one specific part of the weld, additional research on that topic
is required. Besides further numerical parameter studies, serial fatigue tests are required
to experimentally confirm the impact of the bionic weld geometry optimization on the
fatigue strength.

Additionally, the bionic optimization presented above can be considered as an example
of a possible paradigm shift in serial steel construction because the high reproducibility
of the robot-welding process combined with the digitization of the process parameters
allows not only the optimization but also a specific control of the fatigue performance
by the designer. In view of the ongoing digitization and artificial intelligence, this area
in particular offers far-reaching possibilities for further research.
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Equivalent SCFNSA

A methodology to transform notch stress approach results in structural stress approach
equivalent SCFNSA was developed, which enables a direct comparison of the relative
fatigue resistance according to both approaches on structural stress concentration level.
By computing the SCFNSA, the potential of the notch stress approach for an improved
fatigue verification of tubular joints could be emphasized. However, this only applies in
combination with a suitable S-N curve, that is not unreasonably conservative, as the
application of the notch stress approach combined with the FAT 225 S-N curve leads to
a reduced durability compared to the structural stress approach and the significantly
larger modeling effort is therefore not justified.

Moreover, by computing equivalent SCFNSA, a selective integration of structural compo-
nents verified with the notch stress approach into the proven structural stress approach
based design formalism of complete welded structures is enabled. This allows the
designer to combine the advantages of both approaches without adjusting the approved
design formalism. Besides the application to offshore jacket substructures, this concept
is also valid for all kind of structures for which the fatigue design is based on the
structural stress approach, such as bridges or cranes, provided the notch stress approach
is a proven alternative according to the guidelines and standards.
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6.1 Summary

To fight progressive climate change, the president of the European Union (EU) Dr. Ursula
von der Leyen recently announced the EU ‘Green Deal’ which targets a carbon-neutral
EU by year 2050. With regard to energy supply, offshore wind will significantly con-
tribute to achieve this ambitious goal, whereby the future bottom-fixed offshore wind
farms will be located further away from shore and in greater water depth. For these
locations, in addition to (XL-) monopiles, jacket foundations are a reasonable alterna-
tive. To increase the competitiveness of jacket substructures, the market developed an
innovative and economic jacket support structure which is based on automatically man-
ufactured tubular joints combined with standardized pipes. Besides the improvements
for a serial manufacturing process, the automatically welded tubular joints have large
potentials regarding fatigue strength, for example, due to the reproducible fabrication
process resulting in highly uniform welds. These benefits are not considered yet within
the fatigue verification process of automatically manufactured jacket substructures
according to the current standards due to the lack of suitable S-N curves.

As outlined in the state of the art, serial fatigue tests to determine statistically validated
S-N curves have only been conducted on manually welded tubular joints in the past.
Nevertheless, some robot-welded tubular joints were tested regarding fatigue strength,
but neither the influence of an internal weld nor the existing weld geometry was
systematically evaluated. Therefore, in scope of this thesis, comprehensive serial
fatigue tests on 16 single- and 16 double-sided automatically welded tubular X-joints
were performed to determine a statistically safe S-N curve valid for the high cycle
fatigue range and to quantify the effect of an inner weld on the fatigue strength.
Furthermore, extensive analytical and numerical investigations were carried out to
statistically prove the uniformity of the robot-manufactured weld geometry. This
statistically confirmed process stability is the prerequisite for an additionally proposed
weld geometry optimization using bionic approaches.

In the following, the main findings of the performed experimental, analytical and
numerical investigations are summarized and evaluated:
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Fatigue resistance based on the structural stress approach

The performed fatigue tests on the medium-scaled automatically welded X-joints consid-
ering the through thickness crack as failure criterion resulted in a moderately increased
fatigue strength compared to the current design S-N curve FAT 114. In contrast, the
determined fatigue resistance was significantly increased compared to the outcomes of
recently performed fatigue tests on manually welded tubular joints. The corresponding
standard deviations were well below the value specified by the DNVGL-RP-C203 (2019)
for manually welded tubular joints, which could directly be related to the high process
stability of the robot-based welding procedure leading to uniform weld geometries and
hence consistent fatigue effective stress concentrations. The obtained outcomes showed
a good agreement to the fatigue test results on industrially robot-welded tubular joints
published in literature indicating that the tested tubular joints can be seen as realistic
test specimen. In view of the large geometric deviations of the standardized tubes used,
which are not to be expected for the large-diameter pipes usually used in real-scaled
jacket constructions, a worst-case scenario can be assumed for the automated production
and the resulting test specimen.

Fatigue strength according to the notch stress approach

The fatigue resistance in accordance with the notch stress approach was evaluated with
regard to the specified failure criterion through thickness cracking as well as considering
technical crack initiation. All obtained test results for through thickness cracking were
well located on the safe side of the specified FAT 225 design S-N curve. However, all
data sets except one considering technical crack detection were also located slightly
above the FAT 225 design S-N curve. Therefore, almost the entire crack propagation
phase, which covered in average 81 % of the total durability of the X-joints, is not
considered, and thus the FAT 225 S-N curve significantly underestimates the fatigue
life until through thickness cracking occurred.

Impact of inner root welding

For the performed fatigue tests no significant impact of the inner root layer could be
determined, as none of the tested X-joints failed from the root. The fatigue strength of
the double-sided welded X-joints was slightly lower than that of the single-sided welded
ones. However, the scatter bands were almost overlapping and statistical significance is
therefore limited. With regard to the position or length of the resulting fatigue cracks, no
influence of the inner welding could be observed, since the position and circumferential
length of the cracks as well as the crack paths towards the chord were practically
identical. In addition, no effect of the inner root weld on the strain gauge measurements
and the size or scatter of the outside notch radii and flank angles was determined.
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Considering the numerical investigations utilizing the idealized numerical submodels, a
small positive impact of the inner root layer on the brace-sided fatigue effective notch
stresses could be observed as the maximum values of the double-sided welded X-joints
were slightly reduced. However, these reduced notch stresses were not decisive with
regard to the fatigue induced failure of the X-joints, since all test specimen failed within
the chord-sided notch. Here, no significant influence of the inner welding was identified
in the numerical investigations.

For the investigations performed within this work, neither a significantly positive nor a
significantly negative effect of the inner weld seam could be detected. However, with
regard to the process reliability of the automated welding procedure, a significantly
advantage of the inner welding can be seen, since this ensures a securely connected weld
root including a full penetration of the weld.

Damage digitization using digital image correlation

A procedure to apply the optical, digital image correlation (DIC) based measuring
system ARAMIS during the ongoing fatigue tests was developed, where the fatigue
damage evolution could be digitized during the running fatigue test. A subsequent
strain and displacement analysis of the digitized data enabled the visualization and
hence the exact localization of the initiating fatigue damage, as well as the temporal
detection of the technical crack. The technical crack was therefore defined as the
initial macroscopic crack, which was determined on behalf of the first displacement gap
identified within the temporal evolution of the measured displacement across the axial
strain hot spot. In addition to the subsequent analysis of the digitized fatigue damage
related history of the fatigue tests, the 3D ARAMIS measurement data representing
the real 3D weld geometry of the component can be exported and further utilized for a
detailed analytical and numerical analysis

Stiffness degradation of damaged tubular X-joints

The fatigue damage induced stiffness degradation was quantified on behalf of static
tensile tests that were conducted at various damage levels. Considering through thickness
cracking, the analyzed X-joints exhibited only a minor stiffness degradation compared
to the undamaged joints. Even after the defined failure criterion was exceeded by 28 %,
the applied upper load was completely removed by the X-joint with a corresponding
stiffness reduction of only about 43 %. Therefore, the obtained outcomes clearly indicate
that the tubular X-joints still have considerable load-bearing reserves after through
thickness cracking was detected, and that a stiffness-based structural health monitoring
strategy is difficult to apply if the jacket structure is not supposed to be significantly
damaged and close to collapse.
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Characteristic of weld geometry parameter

The statistical evaluation of the notch radii and flank angles obtained at both saddle
points of the X-joints confirms the optical impression of an highly reproducible weld
geometry, as the scatter is significantly lower than the values given for comparable
components in literature. Especially with the knowledge that the welding of the X-
joints has been carried out in several production sequences, the low scatter of the
weld geometry represents the high process stability. Moreover, the evolution of the
notch radii and flank angles along the chord-sided weld toe was investigated. The
corresponding statistical evaluation is in good agreement with the results obtained over
the production series. The same applies for a real-scaled automatically welded mock-up
including a multi-layer weld.

Additionally, the evolutions of the weld geometry parameters were determined along
two hot spots of large-scaled manually welded X-joints to obtain reference values for the
state of the art welding procedure. Regarding the notch radii, the statistical evaluation
led to similar results for the manually welded X-joints and therefore no significant
improvement could be observed for the robot fabricated welds. However, the flank angles
of the manually performed welding were significantly more scattered and therefore,
the flank angles were particularly suitable to characterize the differences between the
analyzed automatically and manually welded X-joints.

Computation of real notch stresses

To characterize the weld geometries of the automatically welded X-joints with respect to
the real (fatigue effective) notch stress evolutions, a numerical computation procedure
applicable to tubular joints was developed. The procedure is based on a digital twin
representation of the decisive hot spots including the real weld geometry. On behalf of
the created digital twins, the linear elastic and fatigue effective notch stress evolutions
along the weld toe of the fatigue-critical hot spots were computed to further characterize
the automatically fabricated welds. For comparison purposes, real (fatigue effective)
notch stresses were also computed for two manually welded tubular X-joints. The
computed notch stresses were significantly more scattered for the manually welded
X-joints compared to the values obtained for the automatically welded specimen, which
could tendentially be correlated to the scatter of the flank angles. Finally, the differences
in the computed real notch stress evolutions between the manually and automatically
welded X-joints further underline the high process stability of the utilized automatically
gas metal arc welding procedure, resulting in fewer scattering fatigue tests and hence
contribute to improved S-N curves.
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Estimation of fatigue-critical notches

A significant difference between the considered fatigue assessment approaches regarding
the estimated fatigue-critical notches could be observed. For both X-joint variations the
structural stress approach predicted the brace-sided notches as fatigue-prone while the
notch stress approach estimated the chord-sided notch, consistent with the outcomes
of all performed fatigue tests. Comparable differences between the approaches were
also obtained for real-scaled X- and DK-joints. However, with respect to the structural
stress approach, this effect was partly compensated by the consideration of the size
effect so that it is not as significant for real-scaled tubular joints. Nevertheless, this
issue should be kept in mind especially when thinking about an accurate optimization
of the weld geometry profile to reduce the resulting fatigue loads.

Bionic weld geometry optimization

Due to the high process stability achieved during fabrication, robot-based welding of
tubular joints enables a fatigue-oriented design of the weld seam geometry. Considering
for example the saddle position of the tubular X-joints, fatigue loads can be reduced
significantly by application of a bionically optimized weld geometry profile, based on
the geometry of tree stumps. This bionic optimization procedure can be considered
as an example of a possible paradigm shift in serial steel construction, because the
high reproducibility of the robot-welding process combined with the digitization of the
process parameters allows not only the optimization but a specific control of the fatigue
performance by the designer.

Equivalent SCFNSA

A methodology to transform notch stress approach results in structural stress approach
equivalent SCFNSA was developed, which enables a direct comparison of the relative
fatigue resistance according to both approaches on structural stress concentration level.
By computing the SCFNSA, the potential of the notch stress approach for an improved
fatigue verification of tubular joints could be emphasized. However, this only applies in
combination with a suitable S-N curve, that is not unreasonably conservative, as the
application of the notch stress approach combined with the FAT 225 S-N curve leads
to a reduced durability compared to the structural stress approach. The significantly
larger modeling effort is therefore not justified. Moreover, by computing equivalent
SCFNSA, a selective integration of structural components verified with the notch stress
approach into the proven structural stress approach-based design formalism of complete
welded structures is enabled. This allows the designer to combine the advantages of
both approaches without adjusting the approved design formalism.
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6.2 Outlook

The investigations performed in the scope of this thesis have already provided a
substantial contribution for the evaluation of the fatigue behavior of automatically
welded tubular joints. However, based on the findings obtained from the experimental,
analytical and numerical investigations, further questions arise that need to be addressed
in future research.

As the experimental fatigue tests were conducted on medium-scaled automatically
welded tubular joints, whereby the welding was performed at a research facility utilizing
a single-layer weld only, the fatigue strength of industrially fabricated large-scaled
robot-welded tubular joints should be experimentally investigated. To obtain a more
representative broad data base of statistically evaluated fatigue test results and standard
deviations, the fatigue tests should be serially conducted by several research facilities
considering varying types of tubular joints, dimensions including multi-layer welds, load
cases and industrial producers. Regarding the large number of load cycles offshore wind
energy turbines experience over their service life, future fatigue tests should also include
the very high cycle fatigue range. Moreover, the impact of an inner welding on fatigue
strength should be further investigated for these different boundary conditions.

To enable not only a safe but an economical fatigue assessment of robot-welded tubular
joints using the notch stress approach, a reasonable conservative design S-N curve is
required. On the one hand, when related to through thickness cracking, a specific S-N
curve for robot-welded tubular joints should be defined accounting for the extensive
crack propagation phase. However, this would defeat the idea of a structure independent
approach considering one global design S-N curve. On the other hand, the notch stress
approach could be related to the technical crack as failure criterion, which might
provide the option of one global S-N curve valid for various welded steel structures. For
both cases, extensive experimental and numerical research is required to improve the
applicability of the notch stress approach to robot-welded tubular joints.

The performed characterization of the automatically fabricated weld geometry was
mainly based on the 3D scanning data of the medium-scaled tubular X-joints, which
have only one outer surface layer. In addition, the distribution of the weld geometry
parameters was analyzed for at least one multi-layer welded real-scaled mock-up. To
statistically confirm the obtained outcomes for more representative multi-layer welds,
further investigations on the weld geometry of industrially fabricated, real-scaled mock-
ups and tubular joints are required. Furthermore, the production strategy of the
real-scaled mock-up was focused on mild notches. However, the size of the minimum
notch radii were still comparable to those of the automatically and manually welded
X-joints and therefore further research on that topic is recommended as well.
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To avoid the elaborate reverse engineering application for the evaluation of the real
weld geometry with respect to fatigue strength, detailed knowledge about possible cross
correlations between the weld seam geometry parameters, the shape of the weld and
the real fatigue effective notch stresses is required. Further analytical and numerical
investigations should be performed on tubular joints and mock-ups including various
parameter studies. In addition, an improvement of the implicit gradient method with
respect to the determination of the parameter a would be beneficial as well.

Due to the high process stability during welding with highly reproducible welds, robot-
based welding of tubular joints enables a fatigue-oriented design of the weld seam
geometry. However, since this opportunity was only analyzed numerically for the
medium-scaled tubular X-joints, an application to realistic offshore dimensions is
necessary. Further, serial fatigue tests are required to experimentally confirm the impact
of the bionic weld geometry optimization on the fatigue strength. Regarding ongoing
developments in digitization and artificial intelligence, this area also offers far-reaching
possibilities for further research.
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Nomenclature

Capital Latin symbols

A Area
A, B Extrapolation points to compute structural stresses
C Correlation criteria
C Crack growth coefficient
CPSSD Parametric sum of squared difference criterion
D Damage
D Diameter of chord
E Young’s modulus
Fax Axial load
G(~x, ~̄x) Gaussian weight function
Kf Fatigue notch factor
Kt Elastic notch stress concentration factor
L Length of chord
Lc Cut-off value
LTC Length of detected technical crack
M , N Number of pixel
MIPB In plane bending moment
MOPB Out of plane bending moment
MPF Starting data point
MPS Final data point
N Number of load cycles
N1, N2, N3, N4 Stages of tubular joints’ failure mechanism
N1 Number of load cycles for technical crack detection
N2 Number of load cycles for first stiffness degradation
N3 Number of load cycles for through thickness cracking
N4 Number of load cycles for rupture
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Nomenclature

NC Characteristic number of 2 · 106 load cycles
ND Number of load cycles at endurance limit
Ni Endurable number of load cycles
Nrup Number of load cycles for rupture
Nstop Number of load cycles where the fatigue test was stopped
Node1 . . . Noden Node numbers of finite element model
P1, P2, P3 Evaluation paths
P (x0, y0) Interrogated point in the reference image
P ′(x′0, y′0) Interrogated point in the target image
Qk Quality of circular approximation
R Radius of chord tube
R Stress ratio
SCF Stress concentration factor
SCFNSA Equivalent stress concentration factor
SNCF Strain concentration factor
T Temperature
T Wall thickness of chord
TN , Tσ Scatter ranges
V Volume

Small Latin symbols

a Constant to describe the size and weighting in near field
a Initial crack size
a Scale factor
b Offset of intensity
c(n) Factor considering the number n of performed fatigue tests
d Diameter of brace
e(∆u) Linear error function
f Enhancement factor
f Testing frequency
f(R) Fatigue enhancement factor
f(t) Factor to consider the size effect
f(xi, yi) Function to describe gray value intensity in reference subset
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Nomenclature

g(xi, yi) Function to describe gray value intensity in target subset
i, j Variable
k Thickness exponent
l Length of brace
m Slope of linear crack propagation behavior
me(∆u) Slope of linear error function
m1 Slope of S-N curve above endurance limit
m2 Slope of S-N curve below endurance limit
n Number of fatigue test results
~n Outward normal to surface
ni Number of load cycles for load case i
nMP Number of data points
r Radius of brace tube
s Coefficient for stress multiaxiality
sN Standard deviation in fatigue life direction
sθt Standard deviation of flank angle distribution
sρ Standard deviation of notch radius distribution
sσ Standard deviation in load direction
sσf Standard deviation of fatigue effective notch stress distribution
sσk Standard deviation of elastic notch stress distribution
t Time
t Wall thickness
t Wall thickness of brace
tref Reference wall thickness
x, y, z Coordinates
z1 Leg length of fillet weld

Greek symbols

α, β, γ, τ Diamensionless parameter of tubular joints’ geometry
∆Cut Distance between weld profiles
∆K Cyclic stress intensity factor
∆Kth Threshold value of stress intensity factor
∆t Time step
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Nomenclature

∆u Displacement of testing device
∆x1 - ∆x11 Distance between strain gauges
∆xNotch Distance between first strain gauge and weld toe
∆ζ Range or step width of angular coordinate ζ
∆ρ Step size for iterative determination of ρ
∆ρi Distance between circular notch approximation and data point
∆σ Stress range
∆σC Characteristic fatigue strength
∆σD Endurance limit
∆σf Fatigue effective notch stress range
∆σN Nominal stress range
∆σN,f Fictitious nominal stress range
∆σtr,S Fatigue strength for actual tube wall thickness
∆σtrefr,S Fatigue strength for referemce tube wall thickness
∆σS Structural stress range
ε Strain
ε90◦ Strain at ζ = 90◦ saddle position
ε270◦ Strain at ζ = 270◦ saddle position
εS Structural strain
εx Strain in direction of x
ζ Angular coordinate
ζ Coefficient
θ Chord-brace angle
θt Flank angle angle
λc Cut-off wavelength
ν Poisson’s ratio
ρ Notch radius
ρ∗ Microstructural support length
ρf Fictitious notch radius
σ Stress
σ1 First principal stress
σ2 Second principal stress
σ3 Third principal stress
σ1,3 Absolut maximum principal stress
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Nomenclature

σa Stress amplitude
σf Fatigue effective notch stress
σf (~x) Non-local fatigue effective notch stress
σK Elastic notch stress
σK(~x) Non-local elastic notch stress
σm Mean stress
σN Nominal Stress
σPr Principal stress
σS Structural stress
σv Von Mises equivalent stress
σy Yield stress
Ψ(~x) Scaling function

Indices
50 % Corresponding survival probability of 50 %
97.7 % Corresponding survival probability of 97.7 %
a Amplitude
Br Brace
C Characteristic
Ch Chord
D Endurance limit
DNVGL According to DNVGL-RP-C203 (2019)
Doc.9.01 According to the background documentation 9.01 of EC 3
i, j Variable
IGM Based on the implicit gradient model
Max Maximum
Min Minimum
N1 Related to technical crack detection
N3 Related to through thickness cracking
Neuber According to Neuber’s approach
o Maximum value of oscillation
w/ With inner welding
w/o Without inner welding
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Nomenclature

Abbreviations
2D Two-dimensional
3D Three-dimensional
ACPD Alternating Current Potential Drop
BAM Federal Institute for Materials Research and Testing
CAD Computer-Aided Design
CAPEX Capital expenditure
CIDECT Comité International pour le Développement et l’Etude

de la Construction Tubulaire
CV Coefficient of Variation
DASt Deutscher Ausschuss für Stahlbau
DIC Digital Image Correlation
DK Double-K
DOVOR Acronym of a German research project
EC 3 Eurocode 3 (DIN EN 1993-1-9 (2010))
EPFL École Polytechnique Fédérale de Lausanne
EU European Union
FALCOS Fatigue Analysis with Local Concepts for Offshore Structures
FAT Fatigue class
FATInWeld Acronym of a German research project
FEA Finite Element Analysis
FLS Fatigue Limit State
FOSTA Research Association for Steel Application
GMA Gas Metal Arc
HAZ Heat-Affected Zone
HCF High Cycle Fatigue
HDR High Dynamic Range
HS Hot Spot
HSS Hollow Structural Steel
IGES Initial Graphics Exchange Specification
IGF Industrial Collective Research
IGM Implicit Gradient Model
IPB In Plane Bending
JABACO Acronym of a European research project
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Nomenclature

JaCo Acronym of a European research project
LCF Low Cycle Fatigue
LCST Lindø Component and Structure Testing A/S
LEFM Linear Elastic Fracture Mechanics
NSA Notch Stress Approach
NURBS Non-Uniform Rational B-Spline
OPB Out of Plane Bending
OWEC Offshore Wind Energy Converters
P2G Power-to-Gas
PIT Pneumatic Impact Treatment
prEC 3 Preliminary version of revised Eurocode 3 (prEN 1993–1–9 (2020))

PS Probability of Survival
PSSD Parametric Sum of Squared Difference
PVC Polyvinyl Chloride
px Pixel
RFCS Research Fund for Coal and Steel
ROI Region Of Interest
SCF Stress Concentration Factor
SCFNSA Equivalent Stress Concentration Factor
S.ID Weld IDentification number
SNCF Strain Concentration Factor
SSA Structural Stress Approach
UPA Ultra sonic Phased Array
VHCF Very High Cycle Fatigue
W/ With
W/o Without
W.ID Workpiece IDentification number
WKS Workpiece reference frame
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Figure A.1: W.ID 163 - HS 260◦, N1 = 56, 040 load cycles

LIX



0 5 10 15 20 25 30−0.366

−0.362

−0.358

−0.354

−0.350

−0.346

Length of path P1 [mm]

D
isp

la
ce
m
en
t
[m

m
]

Figure A.2: W.ID 169 - HS 100◦, N1 = 192, 135 load cycles
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Figure A.3: W.ID 170 - HS 100◦, N1 = 84, 997 load cycles
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Figure A.4: W.ID 229 - HS 260◦, N1 = 230, 992 load cycles
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Figure A.5: W.ID 230 - HS 100◦, N1 = 96, 000 load cycles
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Figure A.6: W.ID 234 - HS 260◦, N1 = 275, 995 load cycles
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Figure A.7: W.ID 242 - HS 260◦, N1 = 85, 000 load cycles
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Figure A.8: W.ID 248 - HS 260◦, N1 = 247, 495 load cycles
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Figure A.9: W.ID 249 - HS 260◦, N1 = 281, 215 load cycles
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Figure A.10: W.ID 251 - HS 100◦, N1 = 75, 600 load cycles
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Figure A.11: W.ID 254 - HS 260◦, N1 = 222, 495 load cycles
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Figure A.12: W.ID 255 - HS 100◦, N1 = 354, 995 load cycles
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Figure A.13: W.ID 256 - HS 260◦, N1 = 73, 000 load cycles
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Figure A.14: W.ID 257 - HS 100◦, N1 = 62, 200 load cycles
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Figure A.15: W.ID 258 - HS 260◦, N1 = 282, 990 load cycles
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Figure A.16: W.ID 262 - HS 100◦, N1 = 365, 000 load cycles
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Figure A.17: W.ID 264 - HS 260◦, N1 = 101, 100 load cycles
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Figure A.18: W.ID 265 - HS 100◦, N1 = 130, 000 load cycles
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Figure A.19: W.ID 301 - HS 100◦, N1 = 185, 000 load cycles
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Figure A.20: W.ID 307 - HS 260◦, N1 = 72, 200 load cycles
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Figure A.21: W.ID 316 - HS 260◦, N1 = 42, 400 load cycles
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Figure A.22: W.ID 317 - HS 100◦, N1 = 53, 600 load cycles
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Figure A.23: W.ID 318 - HS 260◦, N1 = 191, 995 load cycles
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B.1 Measured strain values

LXIX



B.1 Measured strain values

Table B.1: Strain gauge data for the brace of the single-sided welded X-joint W.ID 236

W.ID 236 Brace - ζ = 90◦ Brace - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 4.0 15.57 4.0 15.26
DMS 2 6.0 16.23 6.0 15.80
DMS 3 8.0 15.72 8.0 14.90
DMS 4 10.0 15.22 10.0 14.17
DMS 5 12.0 13.84 12.0 13.99
DMS 6 14.0 13.22 14.0 13.33
DMS 7 16.0 13.15 16.0 12.89
DMS 8 18.0 12.55 18.0 12.38
DMS 9 20.0 12.32 20.0 12.06
DMS 10 22.0 11.83 22.0 11.84
DMS 11 29.0 11.13 29.0 11.06

Table B.2: Strain gauge data for the chord of the single-sided welded X-joint W.ID 236

W.ID 236 Chord - ζ = 90◦ Chord - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 4.0 14.27 4.0 14.84
DMS 2 6.0 12.78 6.0 13.08
DMS 3 8.0 11.68 8.0 12.33
DMS 4 10.0 10.99 10.0 11.30
DMS 5 12.0 10.36 12.0 10.44
DMS 6 14.0 9.40 14.0 9.63
DMS 7 16.0 8.76 16.0 8.99
DMS 8 18.0 8.21 18.0 8.02
DMS 9 20.0 7.60 20.0 7.60*
DMS 10 22.0 6.97 22.0 7.17
DMS 11 29.0 4.85 29.0 5.20

*Defective strain gauge - measured value was linearly interpolated
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B.1 Measured strain values

Table B.3: Strain gauge data for the brace of the single-sided welded X-joint W.ID 247

W.ID 247 Brace - ζ = 90◦ Brace - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 4.0 16.07 4.9 14.61
DMS 2 6.0 15.75 6.9 14.92
DMS 3 8.0 16.47 8.9 13.88
DMS 4 10.0 16.32 10.9 13.29
DMS 5 12.0 15.36 12.9 12.86
DMS 6 14.0 14.36 14.9 12.42
DMS 7 16.0 13.65 16.9 12.20
DMS 8 18.0 13.21 18.9 12.14
DMS 9 20.0 12.60 20.9 11.68
DMS 10 22.0 11.91 22.9 11.42
DMS 11 29.0 11.02 29.9 10.56

Table B.4: Strain gauge data for the chord of the single-sided welded X-joint W.ID 247

W.ID 247 Chord - ζ = 90◦ Chord - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 2.9 17.31 3.0 17.10
DMS 2 4.9 15.06 5.0 14.21
DMS 3 6.9 13.68 7.0 12.63
DMS 4 8.9 12.80* 9.0 11.47
DMS 5 10.9 11.91* 11.0 10.76
DMS 6 12.9 11.03 13.0 9.91
DMS 7 14.9 10.33 15.0 9.07
DMS 8 16.9 9.57 17.0 8.27
DMS 9 18.9 8.91 19.0 7.67
DMS 10 20.9 8.22 21.0 6.89
DMS 11 27.9 5.87* 28.0 4.93

*Defective strain gauge - measured value was linearly interpolated
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B.1 Measured strain values

Table B.5: Strain gauge data for the brace of the single-sided welded X-joint W.ID 250

W.ID 250 Brace - ζ = 90◦ Brace - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 4.1 15.09 4.0 16.26
DMS 2 6.1 15.22 6.0 15.80
DMS 3 8.1 14.61 8.0 15.08
DMS 4 10.1 13.82 10.0 14.24
DMS 5 12.1 13.58* 12.0 13.95
DMS 6 14.1 13.34 14.0 13.45
DMS 7 16.1 12.51 16.0 13.18
DMS 8 18.1 12.06 18.0 12.48
DMS 9 20.1 11.78 20.0 12.02
DMS 10 22.1 11.39 22.0 11.19
DMS 11 29.1 10.73 29.0 11.37

*Defective strain gauge - measured value was linearly interpolated

Table B.6: Strain gauge data for the chord of the single-sided welded X-joint W.ID 250

W.ID 250 Chord - ζ = 90◦ Chord - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 1.7 16.49 1.6 16.89
DMS 2 3.7 13.40 3.6 15.45
DMS 3 5.7 12.64 5.6 13.80
DMS 4 7.7 11.67 7.6 12.87
DMS 5 9.7 10.95 9.6 12.22
DMS 6 11.7 9.96 11.6 11.16
DMS 7 13.7 9.01 13.6 10.32*
DMS 8 15.7 8.46 15.6 9.48
DMS 9 17.7 7.73 17.6 9.04
DMS 10 19.7 7.01 19.6 8.50
DMS 11 26.7 4.57 26.6 6.17

*Defective strain gauge - measured value was linearly interpolated
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B.1 Measured strain values

Table B.7: Strain gauge data for the brace of the double-sided welded X-joint W.ID 302

W.ID 302 Brace - ζ = 90◦ Brace - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 5.3 15.65 5.4 15.61
DMS 2 7.3 15.39 7.4 15.83
DMS 3 9.3 14.72 9.4 15.87
DMS 4 11.3 14.17 11.4 15.34
DMS 5 13.3 13.65 13.4 14.92
DMS 6 15.3 12.70 15.4 14.18
DMS 7 17.3 12.32 17.4 13.88
DMS 8 19.3 11.89 19.4 13.54
DMS 9 21.3 11.55 21.4 12.71
DMS 10 23.3 11.40 23.4 12.28
DMS 11 30.3 10.31 30.4 11.40

Table B.8: Strain gauge data for the chord of the double-sided welded X-joint W.ID 302

W.ID 302 Chord - ζ = 90◦ Chord - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 3.2 22.45 3.1 17.69
DMS 2 5.2 11.49 5.1 14.95
DMS 3 7.2 14.24 7.1 13.38
DMS 4 9.2 12.65 9.1 12.30
DMS 5 11.2 12.65 11.1 11.33
DMS 6 13.2 11.29 13.1 10.28
DMS 7 15.2 10.47 15.1 9.26
DMS 8 17.2 9.83 17.1 8.44*
DMS 9 19.2 9.11* 19.1 7.62
DMS 10 21.2 8.39* 21.1 7.58
DMS 11 28.2 5.87 28.1 4.81

*Defective strain gauge - measured value was linearly interpolated
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B.1 Measured strain values

Table B.9: Strain gauge data for the brace of the double-sided welded X-joint W.ID 314

W.ID 314 Brace - ζ = 90◦ Brace - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 3.6 12.02 4.3 12.99
DMS 2 5.6 13.09 6.3 13.86
DMS 3 7.6 13.47 8.3 16.40
DMS 4 9.6 15.52 10.3 15.65
DMS 5 11.6 13.07 12.3 15.03
DMS 6 13.6 12.63 14.3 14.43
DMS 7 15.6 12.50 16.3 14.20
DMS 8 17.6 11.96 18.3 13.69
DMS 9 19.6 11.64 20.3 12.83
DMS 10 21.6 11.50 22.3 12.06
DMS 11 28.6 10.11 29.3 10.43

Table B.10: Strain gauge data for the chord of the double-sided welded X-joint W.ID 314

W.ID 314 Chord - ζ = 90◦ Chord - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 3.1 14.78 3.1 18.91
DMS 2 5.1 13.11 5.1 16.56
DMS 3 7.1 11.80 7.1 16.00
DMS 4 9.1 10.85 9.1 14.29
DMS 5 11.1 10.39 11.1 13.08
DMS 6 13.1 9.04 13.1 11.97
DMS 7 15.1 8.40 15.1 11.70
DMS 8 17.1 7.70 17.1 10.77
DMS 9 19.1 7.13 19.1 9.85
DMS 10 21.1 6.57 21.1 9.29
DMS 11 28.1 4.49 28.1 6.60
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B.1 Measured strain values

Table B.11: Strain gauge data for the brace of the double-sided welded X-joint W.ID 315

W.ID 315 Brace - ζ = 90◦ Brace - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 5.7 15.84 5.2 16.59
DMS 2 7.7 15.58 7.2 16.29
DMS 3 9.7 15.03 9.2 15.51
DMS 4 11.7 14.77 11.2 15.05
DMS 5 13.7 14.04 13.2 14.66
DMS 6 15.7 13.56 15.2 14.10
DMS 7 17.7 12.95 17.2 13.61
DMS 8 19.7 12.50 19.2 12.95
DMS 9 21.7 12.41 21.2 12.63
DMS 10 23.7 11.94 23.2 12.20
DMS 11 30.7 10.63 30.2 10.71

Table B.12: Strain gauge data for the chord of the double-sided welded X-joint W.ID 315

W.ID 315 Chord - ζ = 90◦ Chord - ζ = 270◦

Position ∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

∆xcummulated
[mm]

ε

(σN = 1 N/mm2)
[µm/m]

DMS 1 3.4 18.17 3.2 16.66
DMS 2 5.4 16.11 5.2 14.71
DMS 3 7.4 14.57 7.2 13.18
DMS 4 9.4 13.48 9.2 11.98
DMS 5 11.4 12.59 11.2 11.00
DMS 6 13.4 11.74 13.2 10.12
DMS 7 15.4 10.75 15.2 9.36
DMS 8 17.4 10.17 17.2 8.70
DMS 9 19.4 9.21 19.2 7.77
DMS 10 21.4 8.56 21.2 7.20
DMS 11 28.4 5.75 28.2 4.72
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B.2 Structural strain values

B.2 Structural strain values
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(a) W/o inner weld - W.ID 236
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(b) W/o inner weld - W.ID 247

Figure B.1: Linear extrapolation of the structural strain εS of the single-sided welded
X-joints W.ID 236 and W.ID 247
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B.2 Structural strain values
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(a) W/ inner weld - W.ID 302
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Figure B.2: Linear extrapolation of the structural strain εS of the double-sided welded
X-joints W.ID 302 and W.ID 314
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C Reverse Engineering Application

C.1 Calibration of parameter a for application of the
IGM
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Table C.1: Calibrated a values per analyzed weld geometry profile along HS 100◦ of the single-sided welded X-joints

HS 100◦

Parameter a [mm2]

Angular coordinate ζ

93◦ 94◦ 95◦ 96◦ 97◦ 98◦ 99◦ 100◦ 101◦ 102◦ 103◦ 104◦ 105◦ 106◦ 107◦ 108◦ 109◦ 110◦

W.ID 170 0.0091 0.0088 0.0088 0.0093 0.0094 0.0090 0.0091 0.0092 0.0091 0.0092 0.0091 0.0089 0.0088 0.0089 0.0087 0.0090 0.0087 0.0088

W.ID 229 0.0087 0.0084 0.0083 0.0084 0.0081 0.0085 0.0083 0.0086 0.0086 0.0083 0.0082 0.0081 0.0082 0.0083 0.0083 0.0085 0.0084 0.0085

W.ID 231 0.0087 0.0085 0.0081 0.0083 0.0088 0.0088 0.0087 0.0085 0.0085 0.0086 0.0088 0.0084 0.0084 0.0085 0.0084 0.0083 0.0084 0.0081

W.ID 242 0.0084 0.0080 0.0080 0.0083 0.0085 0.0084 0.0083 0.0083 0.0081 0.0084 0.0083 0.0083 0.0081 0.0083 0.0087 0.0082 0.0082 0.0081

W.ID 249 0.0088 0.0088 0.0088 0.0089 0.0089 0.0089 0.0088 0.0086 0.0090 0.0088 0.0090 0.0089 0.0089 0.0089 0.0086 0.0089 0.0088 0.0089

Table C.2: Summary of the calibrated a values valid for HS 100◦ of the single-sided welded X-joints

HS 100◦ Parameter a [mm2]
Min Max Mean

W.ID 170 0.0087 0.0094 0.0090
W.ID 229 0.0081 0.0087 0.0084
W.ID 231 0.0081 0.0088 0.0085
W.ID 242 0.0080 0.0087 0.0083
W.ID 249 0.0086 0.0090 0.0088
Parameter a used: 0.008 mm2
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Table C.3: Calibrated a values per analyzed weld geometry profile along HS 260◦ of the single-sided welded X-joints

HS 260◦

Parameter a [mm2]

Angular coordinate ζ

93◦ 94◦ 95◦ 96◦ 97◦ 98◦ 99◦ 100◦ 101◦ 102◦ 103◦ 104◦ 105◦ 106◦ 107◦ 108◦ 109◦ 110◦

W.ID 170 0.0087 0.0090 0.0087 0.0090 0.0087 0.0089 0.0086 0.0088 0.0088 0.0089 0.0090 0.0091 0.0090 0.0090 0.0089 0.0088 0.0088 0.0088

W.ID 229 0.0072 0.0070 0.0073 0.0073 0.0063 0.0064 0.0069 0.0074 0.0075 0.0073 0.0074 0.0076 0.0079 0.0080 0.0080 0.0079 0.0077 0.0085

W.ID 231 0.0086 0.0085 0.0083 0.0082 0.0083 0.0084 0.0081 0.0081 0.0084 0.0087 0.0086 0.0083 0.0082 0.0081 0.0086 0.0086 0.0085 0.0086

W.ID 242 0.0084 0.0085 0.0085 0.0082 0.0083 0.0087 0.0082 0.0084 0.0087 0.0087 0.0086 0.0088 0.0087 0.0087 0.0087 0.0087 0.0090 0.0088

W.ID 249 0.0075 0.0076 0.0076 0.0076 0.0077 0.0077 0.0077 0.0078 0.0077 0.0078 0.0064 0.0078 0.0080 0.0081 0.0079 0.0079 0.0081 0.0081

Table C.4: Summary of the calibrated a values valid for HS 260◦ of the single-sided welded X-joints

HS 260◦ Parameter a [mm2]
Min Max Mean

W.ID 170 0.0086 0.0091 0.0089
W.ID 229 0.0063 0.0085 0.0074
W.ID 231 0.0081 0.0087 0.0084
W.ID 242 0.0082 0.0090 0.0086
W.ID 249 0.0064 0.0081 0.0077
Parameter a used: 0.0063 mm2
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Table C.5: Calibrated a values per analyzed weld geometry profile along HS 100◦ of the double-sided welded X-joints

HS 100◦

Parameter a [mm2]

Angular coordinate ζ

93◦ 94◦ 95◦ 96◦ 97◦ 98◦ 99◦ 100◦ 101◦ 102◦ 103◦ 104◦ 105◦ 106◦ 107◦ 108◦ 109◦ 110◦

W.ID 255 0.0073 0.0072 0.0072 0.0073 0.0072 0.0073 0.0074 0.0075 0.0072 0.0073 0.0074 0.0073 0.0069 0.0072 0.0071 0.0071 0.0072 0.0073

W.ID 258 0.0075 0.0077 0.0073 0.0077 0.0075 0.0076 0.0077 0.0076 0.0079 0.0074 0.0076 0.0075 0.0075 0.0075 0.0075 0.0075 0.0074 0.0075

W.ID 264 0.0069 0.0070 0.0069 0.0071 0.0068 0.0071 0.0072 0.0070 0.0072 0.0067 0.0066 0.0068 0.0073 0.0066 0.0068 0.0077 0.0071 0.0070

W.ID 307 0.0068 0.0065 0.0065 0.0066 0.0063 0.0064 0.0063 0.0063 0.0064 0.0064 0.0063 0.0066 0.0069 0.0066 0.0066 0.0070 0.0069 0.0068

W.ID 316 0.0071 0.0073 0.0071 0.0071 0.0075 0.0075 0.0077 0.0078 0.0074 0.0073 0.0074 0.0072 0.0073 0.0074 0.0077 0.0075 0.0076 0.0076

Table C.6: Summary of the calibrated a values valid for HS 100◦ of the double-sided welded X-joints

HS 100◦ Parameter a [mm2]
Min Max Mean

W.ID 255 0.0069 0.0075 0.0072
W.ID 258 0.0073 0.0079 0.0075
W.ID 264 0.0066 0.0077 0.0070
W.ID 307 0.0063 0.0070 0.0066
W.ID 316 0.0071 0.0078 0.0074
Parameter a used: 0.0063 mm2
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Table C.7: Calibrated a values per analyzed weld geometry profile along HS 260◦ of the double-sided welded X-joints

HS 260◦

Parameter a [mm2]

Angular coordinate ζ

93◦ 94◦ 95◦ 96◦ 97◦ 98◦ 99◦ 100◦ 101◦ 102◦ 103◦ 104◦ 105◦ 106◦ 107◦ 108◦ 109◦ 110◦

W.ID 255 0.0078 0.0078 0.0078 0.0076 0.0074 0.0076 0.0075 0.0077 0.0071 0.0074 0.0073 0.0072 0.0073 0.0076 0.0077 0.0074 0.0074 0.0074

W.ID 258 0.0058 0.0054 0.0054 0.0056 0.0058 0.0061 0.0055 0.0057 0.0062 0.0061 0.0057 0.0059 0.0062 0.0060 0.0058 0.0060 0.0060 0.0062

W.ID 264 0.0066 0.0069 0.0067 0.0065 0.0069 0.0068 0.0070 0.0070 0.0075 0.0074 0.0067 0.0068 0.0069 0.0071 0.0070 0.0071 0.0072 0.0070

W.ID 307 0.0057 0.0057 0.0057 0.0057 0.0055 0.0055 0.0057 0.0055 0.0055 0.0054 0.0054 0.0055 0.0053 0.0055 0.0055 0.0056 0.0056 0.0061

W.ID 316 0.0067 0.0065 0.0063 0.0062 0.0063 0.0064 0.0062 0.0062 0.0065 0.0063 0.0067 0.0066 0.0066 0.0067 0.0068 0.0068 0.0068 0.0066

Table C.8: Summary of the calibrated a values valid for HS 260◦ of the double-sided welded X-joints

HS 260◦ Parameter a [mm2]
Min Max Mean

W.ID 255 0.0071 0.0078 0.0075
W.ID 258 0.0054 0.0062 0.0058
W.ID 264 0.0065 0.0075 0.0070
W.ID 307 0.0053 0.0061 0.0056
W.ID 316 0.0062 0.0068 0.0065
Parameter a used: 0.0053 mm2
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C.2 Real notch stress evolutions

C.2 Real notch stress evolutions
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Figure C.1: W.ID 163
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Figure C.2: W.ID 164
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C.2 Real notch stress evolutions
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Figure C.3: W.ID 169
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Figure C.4: W.ID 170
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Figure C.5: W.ID 229
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C.2 Real notch stress evolutions
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Figure C.6: W.ID 230
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Figure C.7: W.ID 231
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Figure C.8: W.ID 234
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C.2 Real notch stress evolutions
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Figure C.9: W.ID 239
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Figure C.10: W.ID 242
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C.2 Real notch stress evolutions
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Figure C.12: W.ID 251
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C.2 Real notch stress evolutions

Double-sided automatically welded X-joints
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Figure C.13: W.ID 254
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Figure C.14: W.ID 255
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C.2 Real notch stress evolutions
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Figure C.16: W.ID 257
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Figure C.17: W.ID 258
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C.2 Real notch stress evolutions
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Figure C.19: W.ID 265
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Figure C.20: W.ID 301
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C.2 Real notch stress evolutions
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Figure C.22: W.ID 316
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Figure C.23: W.ID 317
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C.2 Real notch stress evolutions

Manually welded X-joints
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C.3 Boxplot comparison of the real fatigue effective notch stresses

C.3 Boxplot comparison of the real fatigue effective notch
stresses
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Figure C.27: Boxplots of the fatigue effective notch stress evolutions along the HS
260◦ of the robot-welded X-joints as well as for the results of the two manually welded
specimens
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D Fatigue Load Comparison Between
SSA and NSA
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(b) Structural stress approach
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(c) Notch stress approach

Figure D.1: Fatigue load comparison between SSA and NSA of the real-scaled DK-joint
subjected to Fax

XCVI



M
OPB

σ1,3 [N/mm2]

−3.1

3.2

0.0

(a) Contour plot

Brace Chord

Pa
th
2

Pa
th
4

Pa
th
6

Pa
th
8

Pa
th
10

Pa
th
12

Pa
th
14

Pa
th
16

0
1
2
3
4
5
6

S
C
F
·f

(t
)−

1
[-]

(b) Structural stress approach
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Figure D.2: Fatigue load comparison between SSA and NSA of the real-scaled DK-joint
subjected to MOPB
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